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Summary 
The failure mechanisms, as well as the indentation and penetration resistance, of carbon fibre 
reinforced plastic (CFRP) cross-ply laminates were investigated under quasi-static and 
ballistic loading. In this thesis, the two most prominent failure modes were indirect tension 
and shear plugging. To characterise the indirect tension mechanism, CFRP cross-ply coupons 
with various matrix shear strengths were subjected to uniaxial out-of-plane compression 
between lubricated platens, while CFRP cross-ply beams were subjected to quasi-static 
indentation between a flat bottom indentor and a lubricated back support. The out-of-plane 
compressive strength was accurately predicted by finite element simulations and analytical 
models. To characterise the shear plugging mechanism, quasi-static cropping tests were 
performed on CFRP cross-ply beams. A beam configuration was selected to allow for ease of 
identifying the failure mechanisms.  
The investigation was extended to consider the effect of matrix shear strength on the ballistic 
performance of simply supported CFRP cross-ply beams impacted by a flat projectile. 
Laminates with high matrix shear strength failed by shear plugging, and the penetration 
velocity increased with decreasing matrix shear strength. As the matrix shear strength 
decreased further, the failure mode switched to indirect tension and subsequently the 
penetration velocity remained elevated, independent of the matrix shear strength. 
Having established that shear plugging is associated with low impact resistance, a new type of 
bilayer CFRP composite (comprising one low and one high matrix shear strength layer) was 
developed with the intent of suppressing this shear plugging mode. The ballistic penetration 
resistance of the bilayer beams was compared to that of the above monolithic CFRP beams 
using the same ballistic set-up. It was observed that the shear plugging mode in the high 
strength layer was suppressed when the layer was placed at the distal face; failure switched to 
a back face tensile mode, and the impact resistance was improved.  
The investigation was extended to a more realistic impact environment: CFRP cross-ply 
laminates in a plate configuration were perforated by a steel ball. Specimens were tested 
under quasi-static and ballistic loading with either a back-supported condition (simulating a 
thick laminate) or an edge-clamped condition. The CFRP plates failed by indirect tension 
when back-supported but failed by shear plugging when edge-clamped. It was found that the 
addition of a protective aluminium alloy layer did not alter the failure mechanism of the 
CFRP, but did produce a load spreading effect that increased the penetration resistance. 
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Summary
The failure mechanisms, as well as the indentation and penetration resistance,
of carbon fibre reinforced plastic (CFRP) cross-ply laminates were investigated
under quasi-static and ballistic loading. In this thesis, the two most prominent
failure modes were indirect tension and shear plugging. To characterise the
indirect tension mechanism, CFRP cross-ply coupons with various matrix
shear strengths were subjected to uniaxial out-of-plane compression between
lubricated platens, while CFRP cross-ply beams were subjected to quasi-static
indentation between a flat bottom indenter and a lubricated back support.
The out-of-plane compressive strength was accurately predicted by finite
element simulations and analytical models. To characterise the shear plugging
mechanism, quasi-static cropping tests were performed on CFRP cross-ply
beams. A beam configuration was selected to allow for ease of identifying the
failure mechanisms.
The investigation was extended to consider the effect of matrix shear strength
on the ballistic performance of simply supported CFRP cross-ply beams
impacted by a flat projectile. Laminates with high matrix shear strength
failed by shear plugging, and the penetration velocity increased with decreasing
matrix shear strength. As the matrix shear strength decreased further, the
failure mode switched to indirect tension and subsequently the penetration
velocity remained elevated, independent of the matrix shear strength.
Having established that shear plugging is associated with low impact
resistance, a new type of bilayer CFRP composite (comprising one low and one
high matrix shear strength layer) was developed with the intent of suppressing
this shear plugging mode. The ballistic penetration resistance of the bilayer
beams was compared to that of the above monolithic CFRP beams using the
same ballistic set-up. It was observed that the shear plugging mode in the
high strength layer was suppressed when the layer was placed at the distal
iv
face; failure switched to a back face tensile mode, and the impact resistance
was improved.
The investigation was extended to a more realistic impact environment: CFRP
cross-ply laminates in a plate configuration were perforated by a steel ball.
Specimens were tested under quasi-static and ballistic loading with either a
back-supported condition (simulating a thick laminate) or an edge-clamped
condition. The CFRP plates failed by indirect tension when back-supported
but failed by shear plugging when edge-clamped. It was found that the addition
of a protective aluminium alloy layer did not alter the failure mechanism of the
CFRP, but did produce a load spreading effect that increased the penetration
resistance.
v
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Chapter 1
Introduction and Thesis Outline
1.1 Introduction
Carbon fibre composites are in high demand globally for use in diverse
structural applications. In general, fibre reinforced plastic (FRP) laminates
are a type of composite material consisting of a polymeric matrix bonded
with a fibre reinforcement. They offer superior strength-to-weight and
stiffness-to-weight ratios in comparison to traditional alloys. Currently,
different types of FRP laminates are uniquely suited to different engineering
applications. Ultra-high molecular weight polyethylene (UHMWPE) fibres
and aramid fibres are polymer fibres made of organic molecular chains
with high orientation. These fibres have high flexibility and are known
to have one of the highest strength-to-weight ratios; therefore, they are
currently used in manufacturing lightweight flexible body armour for blast
and ballistic protection, as shown in Figure 1.1. However, these flexible
fibres have low axial compressive strength and bending stiffness, limiting their
use in structural applications. In contrast, carbon fibres have higher axial
compressive strength and bending stiffness, and thus carbon fibre reinforced
plastic (CFRP) laminates are widely used in structural applications in the
aerospace, automotive, and sporting goods industries. The demand for CFRP
is constantly growing. In a report on the composite market conducted
by Carbon Composites e.V., it was stated that ∼ 53,000 tonnes of CFRP
were manufactured in 2014 and this generated ∼ 2 billion US$ of revenue.
This report also posited that global demand is expected to double by 2020,
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(a) (b) 
Dyneema®  
body armour
CFRP fuselage 
of the Airbus A350
CFRP frame 
of the BMW i3
(c) 
Figure 1.1: Examples of fibre composites used in structural applications, such as a) CFRP
fuselage of the Airbus A350 (Airbus, 2011) and b) CFRP frame of the BMW
i3 (Jessel, 2013), as well as ballistic applications, such as c) Dyneemar body
armour (Textile World, 2009).
reaching 100,000 tonnes (Written et al., 2015). Recent developments in the
aerospace and automotive industries also demonstrate a growing need for
CFRP composites, with the fuselage of the Airbus A350 being manufactured
with CFRP and the BMW i3 becoming the first mass-produced commercial
vehicle featuring CFRP, as shown in Figure 1.1.
The major disadvantage of CFRP composites is that they have low impact
resistance compared to other composites such as UHMWPE fibre-based
Dyneemar and Kevlarr composites. This limits the application of CFRP in
armour manufacturing and drastically increases the repair costs of structural
applications utilising CFRP. For example, the outer frame of a commercial
vehicle can be damaged from the low velocity impact of debris on the freeway.
When CFRP is impacted by a projectile at velocities from 20 to 50 m/s, they
can be damaged through epoxy matrix cracking and ply delamination. This
damage is usually at the sub-surface level and barely visible to the naked
eye, and is therefore referred to as barely visible impact damage (BVID).
BVIDs are difficult to detect and are detrimental to the post-impact structural
performance of the composites. For instance, the in-plane compressive strength
of CFRP can be reduced when BVID is formed, limiting the service life. At
higher impact velocities, above 100 m/s, it appears that CFRP is usually
penetrated through a localised shear plugging mechanism, first identified by
Cantwell and Morton (1989a,b, 1990) in their drop weight experiments. They
revealed that a plug is formed consisting of transverse matrix cracks, ply
delamination, and fibre fracture when CFRP laminates are subjected to impact
loading.
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In contrast, Attwood et al. (2014); Karthikeyan et al. (2013b); O’Masta et al.
(2015a) have recently demonstrated that the ballistic resistance of Dyneemar
cross-ply composites is dictated by a local indentation-type mechanism
involving the in-plane tensile failure of plies, referred to as the indirect tension
mechanism. Attwood et al. (2014) revealed that indirect tension can arise
in Dyneemar cross-ply composites through quasi-static uniaxial out-of-plane
compression. The indirect tension mechanism requires a 0◦/90◦ stacking of
plies and anisotropy in Poisson expansion within the plane of each ply. In
general, Dyneemar composites provide significantly higher energy dissipation
in ballistic impact compared to CFRP composites.
If this superior performance is attributable to the indirect tension mechanism,
it may be possible to stimulate indirect tension in CFRP and thus achieve
higher levels of impact resistance.
Several studies have provided insights into the possibility of improving
the impact resistance of CFRP composites. Preliminary experiments by
Karthikeyan et al. (2013b) have suggested that matrix shear strength has a
significant effect on the ballistic limit of CFRP composites. Furthermore, they
observed shear plugging in autoclaved cross-ply laminates, whereas as-received
prepregs exhibited progressive perforation. They noted that this latter mode
involved tensile failure of the fibres, but they did not identify the mechanism
as indirect tension. The investigations in the current thesis shall show that
this mechanism of ballistic perforation is indeed indirect tension.
Data from Bienias´ et al. (2015); Peijs et al. (1990a); Peijs and Venderbosch
(1991) suggested that there remains potential to protect CFRP against
projectile threats through the use of composite hybridisation. Peijs et al.
(1990a); Peijs and Venderbosch (1991) showed that hybrid composite layers
consisting of alternating UHMWPE fibre-based Spectrar and CFRP layers
have higher impact resistance than monolithic CFRP layers. Vlot (1991,
1993, 1996) have shown that the impact resistance of various fibre composites
can be improved by bonding them with alternating metal layers into hybrid
composites known as fibre metal laminates. These fibre metal laminates
included armaid fibre reinforced aluminium laminates (ARALLr), glass
reinforced aluminium laminates (GLAREr), and carbon fibre reinforced
aluminium laminates (CARAL). Furthermore, Vlot (1991, 1993, 1996)
demonstrated that GLAREr composites offer higher impact resistance than
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both their monolithic composite precursors and monolithic aluminium alloys
with the same thickness. More recently Bienias´ et al. (2015) demonstrated that
composite sandwiches consisting of a CFRP core and two aluminium alloy face
sheets have higher impact resistance than monolithic CFRP laminates of the
same thickness. The reason for this improvement is not fully understood and
shall be further investigated in the current thesis.
The above studies indicate that there remain the following uncertainties
within the fields of composite science and ballistic research: (i) Is the
indirect tension mechanism responsible for the superior ballistic performance
of Dyneemar composites compared to CFRP composites? (ii) What is the
role of matrix shear strength in the dynamic failure mechanism and its effect
on the impact resistance of fibre composites? (iii) Is it possible to suppress
the commonly observed shear plugging mechanism or alternatively to activate
the indirect tension mechanism in CFRP composites and thus enhance their
impact resistance? (iv) What are the other contributing factors in designing
composites with high impact resistance?
1.2 Thesis Outline
This thesis provides a set of comprehensive quasi-static and ballistic
experiments, as well as associated simulations, with the intent of improving
the ballistic resistance of CFRP cross-ply laminates by suppressing the brittle
shear plugging mechanism or activating the indirect tension mechanism. First,
the literature review presented in Chapter 2 suggests that the dominant
perforation mechanism of fibre composites under ballistic loading ranges from
the indirect tension mechanism to a shear plugging mode.
The indirect tension and shear plugging mechanisms of CFRP cross-ply
laminates were first characterised through various types of transverse
indentation and compression experiments under quasi-static loading. The
indirect tension mechanism was thoroughly characterised by subjecting
CFRP cross-ply coupons with various matrix shear strengths to uniaxial
out-of-plane compression between lubricated platens, with the experimental
results summarised in Chapter 3. Finite element simulations and analytical
models were developed to predict the laminates’ out-of-plane compressive
strength, and are presented in Chapter 4. To further study the indirect
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tension mechanism under conditions representative of a ballistic impact, CFRP
cross-ply beams were subjected to quasi-static indentation between a flat
bottom indenter and a lubricated back support to promote indirect tension
mechanism. To characterise the shear plugging mechanism, quasi-static
cropping tests were performed on CFRP cross-ply beams. A composite
beam configuration was selected to allow for ease of identifying the failure
mechanisms. The results of the back-supported indentation and cropping tests
of CFRP beams are reported in Chapter 5.
With this obtained knowledge, the study was extended in Chapter 5 to
investigate the ballistic perforation mechanisms and penetration resistance
of CFRP cross-ply beams with various matrix shear strengths, impacted by
a flat projectile with a simply supported condition. It was found that the
shear plugging mode commonly observed for CFRP laminates switched to the
indirect tension mode for laminates with lower matrix shear strength.
With the intent of suppressing the shear plugging mode, a new type of bilayer
composite was developed (consisting of a low matrix shear strength layer and a
high matrix shear strength layer). The ballistic penetration resistance of these
bilayer CFRP beams with different stacking configurations was compared to
that of the above monolithic CFRP beams through the same ballistic test
mentioned above (i.e. subject to a flat projectile with a simply supported
condition), as reported in Chapter 6.
Chapter 7 extends the investigation to a more realistic impact environment.
CFRP cross-ply laminates in a plate configuration were perforated normally
by a steel ball. Specimens were tested under both quasi-static and ballistic
loading with a back-supported condition (simulating a thick laminate) and
under a more common edge-clamped boundary condition. The potential of
suppressing the shear plugging mode was further explored by comparing the
quasi-static and dynamic responses of the above monolithic CFRP plates to
those protected by a layer of aluminium alloy. Table 1.1 guides the reader by
summarising the chosen CFRP specimens and types of experimental set-up
conducted in Chapters 3 to 7. Finally, the conclusions of the above studies are
summarised in Chapter 8, and avenues for future research are proposed.
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Table 1.1: Summary of tests conducted in Chapters 3 to 7.
Chapter Specimen type Loading
condition
Boundary
condition
Test
3 & 4 CFRP cross-ply
coupons
quasi-static rigid platens out-of-plane
compression
5
CFRP cross-ply
beams
quasi-static
rigid
back-supported
indentation with
a flat indenter
simply
supported
cropping test
with a flat
punch
ballistic simply
supported
ballistic test
with a
flat-bottom
projectile
6
CFRP bilayer
cross-ply beams
quasi-static
rigid
back-supported
indentation with
a flat indenter
simply
supported
cropping test
with a flat
punch
ballistic simply
supported
ballistic test
with a
flat-bottom
projectile
7
monolithic
CFRP and
aluminium
alloy-CFRP
bilayer plates
quasi-static
edge-clamped indentation with
a hemispherical
indenter
rigid
back-supported
indentation with
a hemispherical
indenter
ballistic
edge-clamped ballistic test
with a steel ball
rigid
back-supported
ballistic test
with a steel ball
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Chapter 2
Literature Review
2.1 Introduction
An extensive literature has been established on the impact resistance and
perforation mechanisms of fibre composites since their invention in the 1940s.
Notable reviews include Abrate (1991); Bibo and Hogg (1996); Cantwell
and Morton (1991); Cheeseman and Bogetti (2003); Tabiei and Nilakantan
(2008). The purpose of this chapter is to identify gaps in the existing
knowledge and to suggest methods of improving the impact resistance of
carbon fibre reinforced plastic (CFRP) through (i) the reduction of matrix
shear strength, (ii) protection using laminates with low matrix shear strength,
and (iii) protection using metal layers.
This literature review is divided into three sections. First, the failure
mechanisms of fibre composite laminates under quasi-static out-of-plane
loading are provided. Second, the failure mechanisms in ballistic loading
conditions are discussed. The final section of this chapter reviews the influence
of fibre, matrix, and composite lamination on impact resistance, with the aim
of understanding what activates a particular failure mechanism.
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Figure 2.1: Schematic illustrations in profile view of a fibre composite subjected to
a quasi-static a) uniaxial out-of-plane compression test, b) back-supported
indentation test with a flat or hemispherical indenter, and c) punch test with a
flat or hemispherical indenter.
2.2 Failure Mechanisms of Fibre Composites
under Quasi-static Out-of-plane Loading
As a first step in understanding the impact resistance of fibre composites
and their perforation mechanisms, many researchers have investigated fibre
composites under quasi-static out-of-plane loading with the intent of obtaining
results in a more controlled manner than in ballistic experiments. These
quasi-static experiments can be classified into three types of tests: (i) uniaxial
out-of-plane compression test, (ii) back-supported indentation test with a flat
or hemispherical indenter, and (iii) quasi-static punch test with a back face
opening using a flat or hemispherical indenter, as illustrated by the schematics
in Figure 2.1. Various fibre composites have been investigated through these
quasi-static experiments, primarily carbon fibre reinforced plastic (CFRP),
glass fibre reinforced plastic (GFRP), aramid fibre composites (commonly
known by their trade names of Kevlarr or Twaronr), and ultra high molecular
weight polyethylene (UHMWPE) fibre comspoites (commonly known by their
trade names of Spectrar or Dyneemar). The remainder of this section provides
a detailed review of the failure mechanisms of these fibre composites reported
in the above quasi-static experiments.
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2.2.1 Failure Mechanisms in Uniaxial Out-of-plane
Compression
Early investigations of fibre composites mainly focused on their in-plane
structural performance, whereas their out-of-plane performance was largely
ignored. There is only limited literature regarding the uniaxial out-of-plane
compression of fibre composites. An early study by Henriksson (1990)
compared the uniaxial out-of-plane compressive response (in terms of average
pressure p¯ and compressive strain −εzz) and compressive strength (in terms of
average pressure at failure p¯f ) of AS4/8552 CFRP unidirectional (UD) plies
and [0◦/90◦] cross-ply laminates. He observed that the UD plies failed at a
compressive strength of ∼ 250 MPa with fibres remaining intact but matrix
cracks propagating at ∼ 30◦ away from the loading axis (similar results were
observed by Collings (1974)). In contrast, the cross-ply laminates failed at a
much higher compressive strength ( ∼ 1 GPa) and exhibited both fibre and
matrix failure. To explain the difference in compressive strength, Henriksson
(1990) conducted an additional experiment by compressing a UD laminate
inside a lateral confinement that prevented Poisson expansion of the plies
transverse to the fibre (referred to as constrained compression). The lateral
confinement raised the compressive strength of the UD laminate to ∼ 2 GPa
(higher than that of the cross-ply laminates), see Figure 2.2. He therefore
proposed that the cross-ply lamination served as a partial constraint to the
expansion of each ply, resulting in their high compressive strength compared
to UD laminates. The underlying failure mechanism of the CFRP cross-ply
laminates remained unclear. However, some insight may be obtained from a
recent investigation by Attwood et al. (2014) into the compressive behaviour
of a different type of fibre composite, Dyneemar.
Attwood et al. (2014) compared the uniaxial out-of-plane compressive response
and failure strength of Dyneemar UD plies and cross-ply laminates with a
range of specimen sizes with side length L×L. They found that the compressive
strength (in terms of average pressure at failure p¯f ) of the cross-ply laminates
( ∼ 1 GPa) was significantly higher than that of the UD plies ( ∼ 20 MPa), see
Figure 2.3. It was observed that, under compression, the cross-ply laminates
failed in a catastrophic manner consisting of Poisson expansion of plies and
ply tensile failure. They then proposed that the compressive failure of the
cross-ply laminates was governed by an ‘indirect tension mechanism’. The
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Figure 2.2: Plot of the uniaxial out-of-plane compressive response (in terms of average
pressure p¯ and compressive strain −εzz) of UD and cross-ply laminates of
AS4/8552 CFRP composites, and the constrained compressive response of the
UD plies. Image adapted from Henriksson (1990).
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Figure 2.3: Plot of the uniaxial compressive strength (in terms of average pressure at failure
p¯f ) of Dyneema
r UD plies and cross-ply laminates as functions of specimen size
with side length L×L. The figure also displays optical images after failure of the
UD and cross-ply specimens, with their respective positions on the plot labelled
as (i) and (ii). Image adapted from Attwood et al. (2014).
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Figure 2.4: Illustration of the indirect tension mechanism in a pair of 0◦/90◦ plies under
out-of-plane pressure. Poisson lateral expansion in the 0◦ ply parallel to the
fibre is normally much less than in the 90◦ ply transverse to the fibre. Under
out-of-plane compression, this mismatch in Poisson lateral expansion causes
tension strain in the 0◦ ply and compression in the 90◦ ply.
indirect tension mechanism arises as a result of (i) the anisotropy in Poisson
expansion within the plane of each ply, and (ii) a 0◦/90◦ stacking of plies, see
Figure 2.4. A short explanation of indirect tension is given below.
Consider a stack of alternating 0◦ and 90◦ plies under out-of-plane compressive
pressure p in the z -direction, and limit attention to the response of a unit cell
comprising a single 0˚ ply (labelled A in the figure) adhered to an underlying
90◦ ply (labelled B). If the two plies were allowed to slide freely and without
adhesion then, under the same out-of-plane compressive loading, ply B would
undergo a much larger Poisson expansion in the y-direction than ply A, due
to the orientation-dependent Poisson’s ratio. Such relative deformation is
disallowed by the adhesion of the two layers, and the two layers share the
same strain in the y-direction; consequently, layer A is subjected to a tensile
stress σAyy, whereas layer B experiences a compressive stress σ
B
yy = −σAyy as
there is no net force in the y-direction. By a symmetry argument, σBxx = σ
A
yy
and σAxx = σ
B
yy. Therefore, the out-of-plane compressive pressure p causes each
ply to undergo tensile straining in the fibre direction.
Based on the above explanation, Attwood et al. (2014) developed finite element
and analytical models that accurately predicted the compressive strength of
the Dyneemar cross-ply laminates. Another recent study by O’Masta et al.
(2015b) further characterised the influence of laminate defects, such as voids,
on the compressive strength of Dyneemar cross-ply laminates.
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Prior to the work in this thesis, indirect tension had only been reported
in Dyneemar cross-ply laminates. Therefore, Chapters 3 and 4 extend the
investigation to the quasi-static uniaxial out-of-plane compressive response
of CFRP cross-ply laminates and reach the conclusion that CFRP cross-ply
laminates also fail by the above indirect tension mechanism.
2.2.2 Failure Mechanism in Back-supported
Indentation Tests
In a ballistic test, the out-of-plane deformation of the fibre composites is
more complicated and the stress distribution is usually more localised than
in the above uniaxial compression test. To extend the investigation to a more
realistic ballistic environment in a controlled manner, many researchers have
conducted back-supported quasi-static indentation tests on fibre composites,
which can simulate the ballistic response of a thick laminate whose inertia
causes local indentation damage. The indenters used in these experiments had
either a flat bottom or a hemispherical shape, as illustrated in the schematics
in Figure 2.1b.
An early investigation by Woodward et al. (1994) examined the response of
different types of woven composite plates (GFRP, Kevlarr, Spectrar, and
nylon composites) indented by a cylinder. Scott (2011) extended the work
by Woodward et al. (1994) to include the indentation response of aramid
and UHMWPE cross-ply laminates. Scott (2011) reported a ‘saw tooth’
shaped load-displacement response for the cross-ply laminates. This type of
‘saw tooth’ shape has also been reported in other studies (Attwood et al., 2016;
Cain and Gaviola, 2015; O’Masta et al., 2016; Scott and Cheeseman, 2008).
More recently, Attwood et al. (2016) conducted a set of indentation tests on
the above Dyneemar UHMWPE cross-ply laminates in a beam configuration
(with width H = 12.4 mm) using a flat indenter (with width w = 3 mm
to 12.4 mm). They found that the average pressure p¯ ≡ F/(bw) at the first
failure was associated with ply tensile rupture. This average pressure at failure
p¯f was comparable to the out-of-plane compressive strength of the Dyneema
r
cross-ply laminates and was independent of the indenter width, see Figure 2.5.
As a result, they concluded that these cross-ply composites failed by the same
indirect tension mechanism as the those in the above uniaxial out-of-plane
compression tests.
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Other researchers have investigated the indentation response of fibre
composites such as CFRP laminates using a hemispherical indenter. In these
experiments, the researchers found that the load-displacement curves would
closely follow the Hertzain contact law (Henriksson, 1990; Majeed et al., 2012;
Suemasu et al., 1992). Although many studies have focused on the indentation
response, only limited literature regarding the failure mechanism is available.
In an investigation given by Jørgensen et al. (1998), it was observed that the
first sign of damage in a cross-ply laminate was ply delamination near the edge
of contact. Their finite element simulations revealed that this delamination was
caused by the mismatch of Poisson’s ratios in the alternating layers.
Another study given by Poe Jr. (1991) further characterised the
failure mechanism of an off-angle helical CFRP laminate after
fibre failure had occurred. The helical CFRP laminate had a{
(±56.5◦)2 /0◦/ [(±56.5◦)2 /0◦]3 / [(±56.5◦)2 /0◦]7 / (±56.5◦)2
}
lay up and
was bonded to a plain woven CFRP layer (in the lay up, note that the
underlined helical layers were 1.6 times thicker than the other 56.5◦ layers).
Poe Jr. (1991) performed a quasi-static indentation test on the above helical
CFRP laminate using a hemispherical indenter (with a 25.4 mm radius)
and supported by an aluminium platen with a small convex curvature
(1.8 m radius), see Figure 2.6a. The indentation contact radius a and
the average pressure p¯ were calculated assuming Hertzian contact for a
semi-infinite isotropic body (i.e. p¯ = F/(pia2) = (2/3)pmax where F is the
indentation load and pmax is the peak pressure located at the centre line
beneath the indenter). The locations of the failure in each ply were revealed
using a de-ply process by burning off the resin at the ply-ply interfaces. When
the indentation average pressure p¯ exceeded ∼ 648 MPa (associated with a
force F = 267 kN), fibre tensile cracks would initiate directly beneath the
hemispherical indenter near the centre line where the contact pressure was at
a maximum, see example optical images in Figure 2.6b. Poe Jr. (1991) also
observed matrix crack formation next to the broken fibres and thus proposed
that the failure of the matrix precipitated the fibre failure. However, it is
worth noting that the optical evidence of the fibre failure mode in the above
study is remarkably similar to what would be expected from the indirect
tension mode.
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Figure 2.5: Summary of a) the back-supported indentation response (in terms of average
pressure p¯ and displacement uz) of Dyneema
r cross-ply beams using a flat
indenter (with width w = 3 mm and 12.4 mm) and b) the optical images taken
of the specimen with w = 12.4 mm during the indentation test. All dimensions
in the schematic illustrations are in mm. Image adapted from Attwood et al.
(2016).
14
(b) 
y
x
Top view
layer 1 layer 2 layer 3
layer 4 layer 5 layer 6
layer 7 layer 8 layer 9
F = 267 kN, p = 648 MPa
F
z
x
Ø50.8
Side view
(a) 
aluminium platen
with 1.8 radius 
of convex curvature
steel support
helical CFRP laminate
10 mm
Figure 2.6: Summary of a) the indentation test set-up of a helical CFRP laminate using
a hemispherical indenter (with a 25.4 mm radius) and b) the optical images
of the top 9 plies after the laminate was indented to an average pressure
p¯ ∼ 648 MPa (associated with a force F = 267 kN). All dimensions in the
schematic illustrations are in mm. Image adapted from Poe Jr. (1991).
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2.2.3 Perforation Mechanisms in Quasi-static Punch
Tests
In a ballistic test, the failure mode of a fibre composite varies depending on
its bending stiffness and plate thickness. While the above back-supported
indentation tests simulated the ballistic response of thick laminates, many
researchers also focus on characterising the response of thinner composites
for which back face deflection can affect the failure mode. To this end, they
have conducted quasi-static punch tests on fibre composites where back face
deflection is permitted. The indenters used in these experiments either had
a flat bottom or had a hemispherical shape, as illustrated in the schematics
of Figure 2.1c. In general, the perforation behaviour of structural composites,
such as CFRP and GFRP, has been found to involve a form of the shear
plugging mechanism. In contrast, the perforation behaviour of armour-grade
composites, such as UHMWPE fibre composites, has been found to involve
laminate slippage or membrane stretching.
2.2.3.1 Perforation Mechanism in Structural Composites
An early investigation given by Lee and Sun (1993) revealed that the
load-displacement response of quasi-isotropic CFRP laminates (with a
[0◦/90◦/± 45◦]2s lay up and a thickness of ∼ 2 mm) subjected to indentation
by a flat punch (with a punch diameter Dp = 14.5 mm and a span diameter
Ds = 3Dp) showed a ‘double peak’ shaped curve, see Figure 2.7a. The first
peak load was associated with matrix shear crack formation at an angle of
∼ 45◦ and ply delamination (Liu et al., 1993), see Figure 2.7b. The matrix
shear cracks were usually located beneath the edge of contact where the
out-of-plane shear stress was at a maximum. A sequence of spikes followed this
first peak and was associated with fibre fracture at the top face underneath the
edge of contact, see Figure 2.7b. Finally, a secondary peak was observed, which
marked the shear plug formation where the material underneath the indenter
sheared out of the laminate and created a perforation. Similar results were also
reported by Jørgensen (1994) and Zhou (1996) for a quasi-static punch test of
CFRP cross-ply laminates and woven GFRP laminates with flat-bottom and
hemispherical indenters, respectively.
A numerical study by Jørgensen and Horsewell (1997) further confirmed that
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the matrix failure was caused by the local tensile stress generated by the
out-of-plane shear deformation beneath the edge of contact. This type of
failure mechanism is commonly referred to as shear plugging. It is worth noting
that many researchers have also observed this shear plugging mechanism in the
ballistic tests of structural composites such as CFRP and GFRP laminates.
Since most research has been concerned with improving the impact resistance
of these structural composites, more detailed characterisation of this shear
plugging mode has been obtained through ballistic experiments. Therefore, a
more detailed discussion on shear plugging will be given in the next section,
which focuses on the ballistic failure mechanisms of fibre composites.
2.2.3.2 Perforation Mechanisms in Armour-grade Composites
Lee et al. (2001) conducted a quasi-static punch test on 5-ply-thick plain
woven UHMWPE fibre based Spectar 900/polyurethane composite laminates
using an indenter replicating a fragment-simulating projectile (see indenter
dimensions in Figure 2.8a) under an edge-clamped boundary condition. They
found that the woven armour-grade composites would slip out from the testing
apparatus if the clamping force at the support was low (this slippage behaviour
has not be reported in structural composites). When the clamping force
exceeded a critical threshold, instead of slipping, the composite would deform
by a stretching mode until fibre tensile rupture occurred, as illustrated in the
schematic in Figure 2.8b. This type of perforation is commonly referred to
as membrane stretching. Figure 2.8a shows the load-displacement response of
a composite when the clamping force is sufficient to activate the membrane
stretching mechanism. It is worth noting that a single peak load was observed
in the punch response of the armour-grade composites (as opposed to the
above-mentioned ‘double peak’ shaped curve for structural composites where
shear plugging is the active mode). A recent study by Karthikeyan et al.
(2013a) conducted a similar quasi-static stretch bend test on a different type of
armour-grade composite (Dyneemar) in a cross-ply beam configuration using
a cylindrical roller and under both bolted-end and wrapped-end conditions.
The membrane stretching mechanism was also observed in these armour-grade
cross-ply laminates.
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Figure 2.7: Summary of a) the quasi-static punch load-displacement response of a
quasi-isotropic CFRP laminate (with a [0◦/90◦/± 45◦]2s lay up and a thickness
of ∼ 2 mm) subjected to indentation by a flat punch (with a punch diameter Dp
= 14.5 mm and a span diameter Ds = 3Dp) and b) the schematic illustrations
of the onset of matrix shear crack formation and ply delamination at (i), as well
as the fibre fracture at (ii) in the load-displacement curve. All dimensions in the
schematic illustrations are in mm. Images adapted from Lee and Sun (1993).
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projectile (FPS) and b) the schematic illustration of membrane tension in a
laminate. All dimensions in the schematic illustrations are in mm. Images
adapted from Lee et al. (2001).
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2.3 Failure Mechanisms of Fibre Composites
under Ballistic Loading
Under ballistic loading, the failure mechanisms of fibre composites can differ
from their quasi-static behaviour due to wave propagation and the inertia of
the composites after impact. This section provides a detailed literature review
regarding the failure of fibre composites under ballistic loading. Richardson
and Wisheart (1996) have provided a comprehensive review of the typical
impact failure mechanisms in fibre composites subjected to low velocity
impacts. This review focused primarily on structural composites consisting
of carbon fibre or glass fibre reinforcements and high strength epoxy matrices.
Structural composites are usually brittle upon impact and show evidence of
damage/failure at relatively low impact velocities. The main contributing
failure mechanism in structural composites is generally considered to be a
form of the shear plugging mechanism.
Cheeseman and Bogetti (2003) provided a review of the impact performance
of armour-grade composites (they also referred to these composites as
compliant composites). Unlike traditional structural composites, armour-grade
composites are usually composed of flexible fibres such as ultra high molecular
weight polyethylene (UHMWPE) fibres (Spectrar and Dyneemar) and aramid
fibres (Kevlarr and Twaronr). Armour-grade composites normally contain a
∼ 20% weight fraction of matrix material with low shear strength. These
composites generally outperform structural composites under impact loading,
and show signs of damage/failure only at intermediate to high velocities.
Although early studies have proposed that the perforation of armour-grade
composites is due to the shear failure of the fibre (Iremonger and Went, 1996;
Scott, 1999), recent investigations by the Fleck and Deshpande group at the
University of Cambridge revealed that the impact failure of armour-grade
composites of various thicknesses is facilitated by fibre tensile failure (Attwood
et al., 2014; Karthikeyan and Russell, 2014; O’Masta et al., 2015a). Their
results, along with data from Cunniff (1992, 1999); Phoenix and Porwal (2003)
indicate that armour-grade composites can fail in one of two mechanisms:
membrane stretching or indirect tension. The following subsection will provide
a classification of impact events based on impact velocity. The remainder
of this section will provide a detailed review of the current understanding
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and the latest research progress regarding the above-mentioned impact failure
mechanisms in fibre composites: (i) shear plugging mechanism, (ii) membrane
stretching mechanism, and (iii) indirect tension mechanism.
2.3.1 Classification of Impact Based on Impact
Velocity
The impact velocity of the projectile v0 will affect the magnitude of the
stress waves that propagate through the composite target. At a high impact
velocity, the magnitude of these stress waves may be sufficient to cause localised
damage. At a lower impact velocity, the magnitude of these stress waves may
be insufficient to cause damage, but failure could occur due to the deflection
of the target. Consequently, for a given kinetic energy, the deformation and
perforation mechanisms of a composite target impacted by a projectile will
differ greatly depending on whether the projectile has low velocity and large
mass (e.g. dropped tools) or high velocity and small mass (runway debris,
small arms fire, etc.). It is also expected that the ballistic failure mechanism
would be qualitatively similar to that in the quasi-static punch experiments at
significantly low impact velocity but would deviate from quasi-static results
as the impact velocity increases. As a result, impact tests are generally
categorised into low and high velocity impacts.
There is currently no single definition of low versus high velocity that is
generally accepted. For instance, Cantwell and Morton (1991) classified low
velocity as v0 ≤ 10 m/s, whereas Abrate (1991) classified it as v0 ≤ 100 m/s.
In a loose sense, low velocity impacts refer to events that can be treated
as quasi-static or where boundary condition can affect the impact response
of the target (Shivakumar et al., 1985; Sjoblom et al., 1988). In contrast,
high velocity impacts refer to the impact responses that are dominated by
stress wave propagation, in which boundary condition effects can be ignored.
Robinson and Davies (1992) proposed a rule of thumb to determine transition
from low velocity to high velocity. They defined a low-velocity impact as
one in which the through-thickness stress wave plays no significant part in
the stress distribution and determined that out-of-plane compressive strain
−εzz can be estimated from the impact velocity v0 as −εzz = v0/cT . As the
compressive stress wave is assumed to play no role in a low-velocity impact, the
transition from low to high velocity can be characterised as the point at which
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compressive strain results in failure. This transition point is therefore material
dependent. Considering that the typical wave speed in the through thickness
direction is approximately cT ∼ 2000 m/s for common epoxy composites and
assuming that the out-of-plane compressive failure strain is −εzz = 0.5 - 1%,
the transitional velocity can be estimated as ranging from 10 m/s to 20 m/s.
Generally, the ballistic failure mechanism of shear plugging is reported in low
velocity impacts, whereas mechanisms such as indirect tension and membrane
stretching are reported in high velocity impacts.
2.3.2 Shear Plugging Mechanism
Structural composites such as carbon fibre reinforced plastic (CFRP) and
glass fibre reinforced plastic (GFRP) that comprise a thermoset epoxy matrix
normally show signs of damage at relatively low impact velocity (v0 < 30 m/s)
or at low impact energy (W < 1 J). Their failure events usually progress
through three stages as impact velocity increases: (i) transverse matrix crack
formation (also known as splits), (ii) delamination and micro crack formation,
and (iii) fibre fracture and full penetration (Richardson and Wisheart, 1996).
The combination of failure involving transverse matrix cracks and delamination
are commonly referred to as barely visible impact damage (BVID), since both
forms of damage are difficult to detect by the naked eye and can only be
revealed by specimen sectioning, X-ray scanning, or ultra-sound scanning. At
full penetration, this type of failure mechanism is usually referred to as shear
plugging because the material underneath the projectile can shear out of the
composite panel forming a plug. It is essential to fully characterise each of
the above-mentioned stages and their interactions in order to understand the
causes of shear plugging; the remainder of this section provides details on each
of the stages.
2.3.2.1 Transverse Matrix Crack Formation
Takeda et al. (1982a) first identified the formation of transverse matrix cracks
in glass fibre/epoxy cross-ply laminates when impacted by a rigid projectile in
the out-of-plane direction. This type of matrix crack formation represents
the first sign of damage and therefore the velocity at which matrix crack
formation occurs can be considered as a damage threshold Choi et al. (1991a,b).
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Figure 2.9a shows a schematic illustration of the transverse crack formation
in a cross-ply laminate moments after impact by a spherical projectile. The
matrix cracks typically arise in the 2-3 plane of a ply underneath the edge of
the projectile and are inclined at ∼ 45◦ to the transverse plane (Boll et al.,
1986; Joshi and Sun, 1985; Sjo¨gren et al., 2001).
Takeda et al. (1981) also conducted a ballistic experiment to study wave
propagation by embedding strain gauges in the composite target. Based on
their data, Takeda et al. (1982a) proposed that the matrix crack formation
resulted from the combined effects of in-plane tension and out-of-plane shear.
A numerical study by Chang et al. (1990) reached a similar conclusion: the
out-of-plane compressive strain σ33 is negligible and failure is therefore caused
by a combination of tensile stress σ22 and shear stress σ23, as illustrated in
Figure 2.9a. Note that this type of matrix crack formation is similar to the
failure mode observed in quasi-static punch tests and is understood to be
caused by the through-thickness shear failure of the matrix (Jørgensen, 1994;
Liu et al., 1993).
2.3.2.2 Delamination and Micro Crack Formation
Choi and Chang (1992); Choi et al. (1991a,b) have conducted in-depth
investigations in the formation sequence of the matrix cracks and delamination.
They found that if the aforementioned matrix cracks reach the interface
between plies with different fibre orientations (referred to as critical matrix
cracks), interply delamination would initiate from these cracks. They observed
that two delamination cracks can form out of a single matrix crack and
propagate along the ply-ply interface: the delamination along the upper
interface of the 90◦ ply would propagate toward the centre line of the projectile,
while the one located at the bottom interface would grow away from the
projectile and toward the end support of the composite target, as illustrated
in Figure 2.9b. Takeda et al. (1982b) observed similar behaviour, although
they found that delaminations do not always propagate precisely along the
interface, but can run slightly to either side. Finally, the finite element
analyses given by Hou et al. (2001, 2000) also reached similar conclusions.
Furthermore, they found that the delaminations propagating toward the centre
line of the projectile were less severe than those propagating away from the
projectile. They argued that the propagation of the delaminations beneath
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Figure 2.9: Schematic illustrations of the damage sequence in the shear plugging mechanism
of a cross-ply composite laminate impacted by a spherical projectile. a) An
illustration of the matrix crack formation caused by a combination of tensile
stress σ22 and shear stress σ23, adapted from Chang et al. (1990). b) An
illustration of the propagation of delamination cracks and the observed
peanut-shaped delamination area, adapted from Liu (1988); Liu and Malvern
(1987). c) An illustration of the formation of micro cracks, adapted from Choi
et al. (1991a,b). d) An illustration of the fibre fracture underneath the edge
of contact, adapted from Cantwell and Morton (1989a,b, 1990); Shyr and Pan
(2003).
24
the projectile were suppressed due to the out-of-plane compressive pressure,
offering a crack-closure effect.
Liu (1988); Liu and Malvern (1987) revealed that the delamination area along
the ply-ply interface closely resembles a peanut shape for cross-ply laminates.
The major axis of this peanut shaped delamination area is oriented in the
direction of fibres in the ply beneath the interface, as illustrated in Figure 2.9b.
This feature of the delamination area was also widely reported by multiple
researchers through X-ray CT-scan experiments (Chang et al., 1990; Choi and
Chang, 1992; Guild et al., 1993; Joshi and Sun, 1985; Wu and Shyu, 1993; Wu
and Springer, 1988). Furthermore, Liu proposed that delamination is a result
of the anisotropic bending stiffness in each ply (where the bending stiffness is
significantly higher in the fibre direction than in the direction transverse to the
fibre) and the bending stiffness mismatch between adjacent plies. He observed
that, under deflection, each ply would bend concave locally along the fibre
direction and convex in the direction transverse to the fibres, and developed
analysis that predicted the peanut shaped delamination area of the cross-ply
laminates.
In addition to the delamination, Choi et al. (1991a,b) observed that multiple
matrix cracks (referred to as micro cracks) may also form at higher impact
velocities. Similar observations were reported by Liu and Malvern (1987); Wu
and Springer (1988). These micro cracks form in the area near the back face of
the laminate, as illustrated in Figure 2.9c. In contrast to the inclined critical
matrix cracks that instigate delamination, these micro cracks are generally
much finer and mostly oriented vertically. The formation of these micro
cracks is due to tensile straining caused either by longitudinal tensile wave
propagation or global deflection of the composite plate.
2.3.2.3 Fibre Fracture and Full Penetration
As the impact velocity or the impact energy increases further, the matrix crack
formation and delamination is followed by fibre fracture. At this stage, failure
progresses with more fibres rupturing as the impact velocity/energy increases,
eventually leading to full penetration. Investigations by Cantwell and Morton
(1989a,b, 1990); Cristescu et al. (1975); Zhou (1995) showed that when GFRP
and CFRP laminates are impacted by a blunt impactor, fibres would first
fracture at the top face underneath the edge of contact and the fractures
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Figure 2.10: Summary of the SEM fractography analysis given by Greenhalgh (2009) on
shear plugging. a) Schematic illustration of shear plugging. b) Failure profile
view of shear plugging. c) Fracture surfaces of the fibres in the shear plugging
mechanism. d) A typical fracture surface of a carbon fibre that failed by shear
deformation.
would propagate to connect with the above-mentioned ‘critical matrix cracks’,
as illustrated in Figure 2.9d. As the impact velocity/energy increases, these
cracks would propagate further from the top face toward the back face in
the area underneath the edge of the projectile. A SEM fractography analysis
given by Greenhalgh (2009) suggested that the fracture of these fibres was due
to shear deformation. In brief, Greenhalgh (2009) showed that the fracture
surface of a carbon fibre failing by shear plugging (see Figures 2.10b and 2.10c)
often exhibits an angled compression face that is remarkably similar to the
fracture surface of a sheared carbon fibre (see Figure 2.10c).
Cantwell and Morton (1989a,b, 1990) identified that, at full penetration,
the projectile would generally remove a conical-shaped shear plug from the
composite target. An investigation by Shyr and Pan (2003) in which GFRP
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laminates were impacted by a spherical projectile resulted in similar findings,
with the additional observation that fibre tensile breakage may also occur near
the back face due to beam deflection at full penetration.
Lee and Sun (1993) recognised that this shear plugging mechanism resembles
the failure in the quasi-static punch test of the composite laminates.
Consequently, they conducted a numerical simulation to predict the threshold
of damage initiation and propagation in CFRP laminates punched through
by a cylindrical indenter. They accurately predicted the threshold force that
causes matrix failure using a maximum principle stress failure criterion in the
2-3 plane of a 90◦ ply, and predicted the shear plugging force based on the
total strain energy release rate (defined as the sum of the mode I (GI) and
mode II (GII) strain energy release rates). While the above studies represent
a fundamental approach to determining the energy and force required to form
a shear plug, modern methods of predicting penetration velocity vp typically
take a simplified approach by prescribing the shear plugging energy based on
quasi-static punch tests Gama and Gillespie Jr. (2008, 2011); Mines et al.
(1999).
2.3.3 Membrane Stretching Mechanism
The impact failure mechanism of thin armour-grade composites (i.e. composite
laminates typically with low bending stiffness and panel thickness H less than
1 mm) usually fail by a membrane stretching mechanism. Notable insights
were offered by Cunniff (1992, 1999); Lim et al. (2003, 2002). In brief, after a
projectile has impacted a composite target, a longitudinal tensile wave would
propagate at a speed cL ∼
√
EL/ρ (where EL is the in-plane modulus and
ρ is the density of the target) from the impact area toward the end support.
Regions ahead of this longitudinal wave front are essentially at rest, but regions
behind the wave front are under longitudinal tensile strain εL, which can lead
to fibre tensile failure. For thin laminates with low bending stiffness, a reverse
pyramid can form below the projectile. The shear hinge of this reverse pyramid
would then propagate in the same direction as the tensile wave but at a lower
speed cH , see Figure 2.11a.
Cunniff (1992, 1999) realised the importance of the material’s tensile wave
speed cL ∼
√
EL/ρ and proposed that the penetration velocity vp is correlated
with the material properties of the composites through a parameter c∗ with
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Figure 2.11: Schematic illustrations of membrane stretching mechanism in a) a thin
composite laminate and b) the distal region of a thick composite laminate
due to delamination. Images were taken from O’Masta et al. (2015a).
units of m/s. c∗ is expressed as:
c∗ =
(
σLεL
2ρ
√
EL
ρ
)1/3
(2.1)
where σL is the longitudinal tensile strength, EL is the longitudinal tensile
modulus, εL is the longitudinal tensile failure strain, and ρ is the density
(of the fibre or the laminates). Through experimental work and dimensional
analysis, Cunniff found that the penetration velocities vp of various woven
composites with different plate thicknesses can be presented as a single trend
when plotting the ratio of vp/c
∗ as a function of ρAAp/mp (where ρA is areal
density of the target, Ap is the presented area of the projectile, and mp is
the projectile mass). Phoenix and Porwal (2003) then developed an analytical
model assuming that (i) the tensile stress is uniform across the thickness of
the composite, (ii) both the shear stress and hoop stress of the composite can
be ignored for thin laminates, and (iii) ballistic perforation is governed by ply
tensile failure. They were able to predict the penetration velocities vp of various
woven composites by calculating the longitudinal tensile wave induced strain
and accounting for the momentum transfer between the projectile and the
above-mentioned reverse pyramid. Their predictions were in good agreement
with the data given by Cunniff (1992, 1999).
Although only thin laminates have been reported to exhibit full penetration
through the membrane stretching mechanism, recent studies have shown that
laminates with higher thickness often also show membrane stretching in last
few plies near the back face for an impact velocity just below vp (Karthikeyan
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and Russell, 2014; O’Masta et al., 2015a). Karthikeyan and Russell (2014)
proposed that membrane stretching in the distal region of a thicker laminate
can be driven by delamination, see Figure 2.11b. Delamination often
occurs in multi-ply laminates during ballistic events. For instance, Liu and
Malvern (1987) proposed that delamination can take place as a result of
the bending stiffness mismatch between adjacent plies. Iremonger and Went
(1996) postulated that delamination could occur due to the following process:
projectile impact gives rise to a compressive stress wave that propagates
through the thickness of the laminate and reflects off the back face as a tensile
wave, which triggers delamination. Karthikeyan and Russell (2014) estimated
that the distal region of a thicker laminate can dissipate ∼ 6.5 times more
kinetic energy through membrane stretching than the rest of the material in
the fibre composite panel.
2.3.4 Indirect Tension Mechanism
Recent investigations by Attwood et al. (2016); Karthikeyan and Russell
(2014); O’Masta et al. (2015a) have revealed that UHMWPE fibre based
Dyneemar cross-ply laminates with plate thickness of H ≥ 4 mm fail by a
local indentation-type mechanism involving the in-plane tensile failure of plies,
see Figure 2.12a. This failure mechanism was first identified by Attwood et al.
(2014) and referred to as indirect tension. Unlike the membrane stretching
mode that was analysed by Phoenix and Porwal (2003) (i.e. ply tensile stress
caused by the propagation of longitudinal tensile wave), the indirect tension
mechanism is caused by the out-of-plane compressive straining of the cross-ply
laminates.
Attwood et al. (2014) investigated the out-of-plane uniaxial compression of
Dyneemar cross-ply composites under quasi-static loading. They found
that fibre tensile stress can arise in cross-ply laminates under out-of-plane
compressive loading due to (i) the anisotropy in Poisson expansion within the
plane of each ply and (ii) a 0◦/90◦ stacking of plies, as illustrated in Figure
2.12b. Under ballistic loading, a contact pressure is generated and can lead to
indirect tension failure (analogous to how indirect tension arises as a result of
quasi-static out-of-plane compression). Attwood et al. (2014) also found that
the transverse compression strength of Dyneemar cross-ply laminates scales
with the tensile strength of the fibres, and they demonstrated the existence
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Figure 2.12: Schematic illustration of the indirect tension mechanism in a) a cross-ply
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b) a close up illustration of region (i) where a pair of 0◦/90◦ plies is under
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of the zone of shear lag around the periphery of the specimen. The combined
studies of Attwood et al. (2014); Karthikeyan et al. (2013b) reveal that the
ballistic resistance of Dyneemar cross-ply composites scales with the in-plane
tensile strength. This has led DSM Dyneema, NL to develop a new range of
Dyneemar composites with ultra-high tensile strength for ballistic applications
such as SK99-t laminates, (Attwood, 2015).
2.3.5 Summary of Ballistic Perforation Mechanisms
In brief, structural composites such as CFRP and GFRP with epoxy matrices
normally fail by a shear plugging mechanism and are usually brittle under
impact loading, while armour-grade composites that consist of aramid fibres
or UHMWPE fibres usually demonstrate better impact performance and fail
by either membrane stretching or indirect tension (depending on the laminate
thickness). For instance, when a 8.3 × 10−3 kg projectile impacts a 4 mm
target, CFRP laminates are penetrated at vp ∼ 100 m/s and W ∼ 40 J,
whereas Dyneemar laminates are penetrated at vp ∼ 500 m/s and W ∼ 1000 J
(Karthikeyan et al., 2013b).
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2.4 The Role of Fibre, Matrix, and
Lamination on the Impact Resistance of
Composite Laminates
Despite intensive research on the impact performance of various composites
and their corresponding impact failure mechanisms, there is comparatively
less knowledge of the governing parameters that cause a composite laminate
to fail by one mechanism instead of another. Nevertheless, some insight can
be gained by reviewing the current literature regarding which constituents
of a composite laminate can influence its impact resistance. This section
discusses the influence of fibre and matrix on the impact resistance of composite
laminates, as well as the protective effect of hybridising structural composites
with either armour-grade composites or metal layers. Other aspects such as
the effects of stitching, z-pinning, weaving, and the usage of shear thickening
fluids are also interesting, but are beyond the scope of this thesis. The reader
may refer to reviews by Dransfield et al. (1994); Mouritz (2007); Srivastava
et al. (2012); Tabiei and Nilakantan (2008) on these topics.
2.4.1 The Role of Fibre
Fibre reinforcements are the main load bearing components in composite
laminates. They are therefore critical to the energy dissipation ability of the
composites, particularly if fibre tensile failure is observed in the perforation
stage of an impact event. The analysis from Cunniff (1992, 1999); Phoenix
and Porwal (2003) showed that, if the laminate fails by a membrane stretching
mechanism, the impact penetration velocity would increase monotonically with
the so called Cunniff’s velocity c∗. c∗ can be viewed as the product of the
specific tensile energy absorption S+L ε
+
L/(2ρ) and the longitudinal tensile wave
speed cL ∼
√
E+L /ρ of the fibre or the laminates, and it can be expressed as:
c∗ =
S+L ε+L
2ρ
√
E+L
ρ
1/3 (2.2)
where S+L is the longitudinal tensile strength, E
+
L is the longitudinal tensile
modulus, ε+L is the longitudinal tensile failure strain, and ρ is the density
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(of the fibre or the laminate). Figure 2.13 compares the range of c∗ for various
modern composite fibres and presents these data as a material properties chart.
The fibre properties of the four commonly used fibres (glass fibres, carbon
fibres, Kelvarr fibres, and Dyneemar fibres) are summarised in Table 2.1, data
taken from Attwood et al. (2015); O’Masta (2014); Oya and Hamada (1998);
Shinohara et al. (1993); Singletary (2000); Singletary et al. (2000). Both
Figure 2.13 and Table 2.1 reveal that ultra-high molecular weight polyethylene
(UHMWPE) Dyneemar fibres have the highest range of c∗ among the four
composite fibres. Many researchers have claimed that this is the primary
reason for the high impact resistance of Dyneemar composites. While this
explanation is sound, it should be noted that the ranges of c∗ for glass fibres,
carbon fibres, and Kevlarr fibres are all comparable, yet glass fibre and
Kevlarr composites normally outperform carbon fibre composites.
Other researchers have claimed that composites made of fibres with higher
axial tensile failure strain ε+L would outperform other composites in an impact
event (Beaumont et al., 1975; Enfedaque et al., 2010; Goldsmith et al., 1995;
Gonza´lez et al., 2014). Note that Table 2.1 shows that the tensile failure strains
ε+L of aramid and UHMWPE fibres are about 2 to 3 times higher than that of
carbon fibres (∼ 3% versus ∼ 1%).
The high ductility of aramid and UHMWPE fibres is closely related to the
their microstructure in the sub-fibre level. Figure 2.14 compares the fibre
microstructure of an UHMWPE fibre and a carbon fibre. UHMWPE fibres
are made of highly crystallised chains of polyethylene (PE) molecules. Within
the PE molecules, atoms are bonded by strong carbon-carbon covalent bonds.
These long chains of PE molecules are then arranged into micro fibrils and
macro fibrils parallel to the fibre axis (as illustrated in Figure 2.14a), with the
fibrils bonded by a weaker van der Waals force (Kavesh and Prevorsek, 1995).
In a tensile test, these micro fibrils and macro fibrils can be pulled-out from
the fibre (while still bearing loads through shear lag), allowing the fibre to fail
in a ductile manner with a large amount of local drawing and thus extending
the axial tensile failure strain, see the SEM image in Figure 2.14a. In contrast,
carbon fibres do not contain fibril microstructure. Instead, they are made of
layers of graphene carbon atoms with strong carbon-carbon covalent bonds,
which are stacked into a so called ‘turbostratic graphite’ structure. Each of
these graphene sheets folds randomly on a cross section of the fibre but are
mostly parallel to the fibre axis, as illustrated in Figure 2.14b.
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Figure 2.13: A material properties chart comparing the specific toughness and longitudinal
wave speed of different composite fibres. Contours of the Cunniff velocity c∗
are also plotted. Image adapted from O’Masta et al. (2015a).
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Table 2.1: Summary of the mechanical properties of some common composite fibres.
Glass
fibre
Carbon
fibre
Aramid
(Kevlarr)
UHMWPE
(Dyneemar)
Density a ρ
(Mg/m3)
2.5 1.8 - 1.9 1.4 - 1.5 0.97
Axial tensile
modulus a
E+L
(GPa)
69 - 87 231 - 436 71 89 - 116
Axial tensile
strength a
S+L
(GPa)
3.4 - 4.8 4.4 - 6.4 2.9 2.7 - 3.6
Axial tensile
failure
strain a
ε+L (%) 4 - 5.7 1.5 - 2.2 3.6 3.5 - 3.8
Axial
compressive
strength
S−L
(GPa)
∼ 1.5 b ∼ 2.5 c ∼ 0.26 d ∼ 0.3 e
Transverse
compressive
Strength
S−T
(GPa)
N/A ∼ 0.6 c ∼ 0.15 d N/A
Cunniff’s
velocity a
c∗ (m/s) 525 - 689 491 - 788 487 - 776 776 - 917
a Taken from O’Masta (2014)
b Taken from Oya and Hamada (1998)
c Taken from Shinohara et al. (1993)
d Taken from Singletary (2000); Singletary et al. (2000)
e Taken from Attwood et al. (2015)
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In a tensile test, carbon fibres fail in a brittle manner with negligible plastic
deformation and a reduction of the cross-sectional area. While the above
analysis provides some valuable insight on the relative energy dissipation
abilities of various fibres, it assumes that fibre tensile failure is the dominant
failure mode (i.e. failure due to membrane stretching or indirect tension).
However, the analysis would not be applicable when fibres fail by shear,
for instance in the shear plugging mode that is often observed for CFRP
composites (e.g. by Cantwell and Morton (1990); Greenhalgh (2009)).
2.4.2 The Role of Matrix
Compared to the extensive research on composite fibres, less attention
has been paid to understanding the role of matrix materials. An early
investigation conducted by Williams and Rhodes (1982) compared the damage
in 24 different CFRP laminates impacted by a spherical projectile at the
same impact velocity, all with the same laminate thickness but with different
thermoset epoxy matrices. They found that the delamination area in the
laminates can be reduced by increasing the ductility of the matrix (represented
by the tensile failure strain of the neat resin). A similar result was
obtained by Hirschbuehler (1987), who found that the impact tolerance of
CFRP composites (represented by the post-impact compressive strength)
increases with matrix ductility (represented by the flexural failure strain).
Unfortunately, these pioneering researchers mainly focused on improving the
post-impact strength in structural composites and did not investigate the effect
of matrix properties on penetration resistance.
Later studies have suggested that matrix properties play a role in determining
the penetration resistance of composites. Hsieh et al. (1990) compared the
penetration resistance of various fibre composites with matrices of unmodified
epoxy versus toughened epoxy, for laminates made of carbon, Spectrar,
and Kevlarr fibres. The laminates with toughened epoxy showed higher
penetration resistance. This improvement was more pronounced for the CFRP
laminates than the Spectrar and Kevlarr laminates.
Lee et al. (2001) compared the ballistic resistance of thin Spectrar laminates
(with a thickness of ∼ 1.5 mm) between those constructed from (i) only dry
fibres, (ii) fibres with a soft polyurethane matrix, and (iii) fibres with a stiffer
vinylester matrix. The penetration velocity vp increases in the following order:
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dry fibres, laminates with polyurethane matrix, and laminates with vinylester
matrix. Lee et al. (2001) proposed that a stiffer matrix can reduce the yarn
mobility and allow more fibres to engage the projectile, thus increasing the
overall impact energy dissipation. They cautioned that the opposite effect
may be observed in thicker laminates since the increase in matrix stiffness
may promote localised Hertzian failure along the periphery of the projectile.
Walker (2001) conducted a similar study by comparing the penetration
resistance of Kevlarr laminates made of (i) only dry fibres and (ii) fibres with
a polyvinyl butyral phenolic matrix. However, he obtained a contradictory
result. Compared to the laminates with the matrix, the dry fibres showed a
higher penetration velocity in the thin laminates, but a lower one in the thick
laminates. He argued that, for thin laminates, increasing the resin content
resulted in fewer fibres available for impact energy dissipation. Whereas for
thick laminates, the increase in resin content improved the bending stiffness of
the laminates and thus their resistance to perforation deformation.
Furthermore, de Ruijter et al. (2010) carried out an investigation of the effect
of matrix modulus on the impact penetration velocity of woven armour-grade
Twaronr composites. They found that, for a 10-ply-thick woven laminate
(∼ 3 mm thick), the penetration velocity vp first rises as the matrix modulus
increases from 10−4 GPa to 0.01 GPa, then remains constant at a maximum
level while modulus ranges from 0.01 GPa to 1 GPa, and finally declines as
modulus increases from 1 GPa to 10 GPa, as represented in Figure 2.15. They
proposed that the observed changes in penetration resistance are related to
the friction coefficient among the fibres. For low levels of matrix modulus
(i.e. 10−4 to 0.01 GPa), the ballistic performance improves substantially due
to increasing friction among the fibres. For intermediate levels of modulus
(i.e. 0.01 GPa to 1 GPa), the impact performance is insensitive to the friction
coefficient. However, for high levels of modulus (i.e. 1 GPa to 10 GPa), the
increase in friction among the fibres may bring about a reduction in fibre
mobility that can produce premature fibre breakage and localised damage.
Unfortunately, the study did not investigate the failure mechanism(s) of the
laminates and the above propositions have not yet been confirmed.
Karthikeyan et al. (2013b) recently conducted an investigation that focused on
the effect of matrix shear strength on both the ballistic perforation mechanism
and the penetration resistance of fibre composites. They demonstrated that a
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reduction in matrix shear strength can improve the ballistic resistance of both
Dyneemar and CFRP cross-ply laminates. In particular, they tested CFRP
cross-ply plates of as-received uncured prepregs and autoclaved fully cured
laminates, and found that the penetration velocity of a 4 mm thick CFRP
cross-ply plate impacted by a 8.3× 10−3 kg spherical projectile (as illustrated
in Figure 2.16a) can be improved from 100 m/s to 300 m/s by reducing the
matrix shear strength from 100 MPa to 0.1 MPa, see Figure 2.16b. Through
X-ray computed tomography (CT scan), they observed that the cured CFRP
laminates with a high shear strength matrix failed by a brittle cone-crack mode
that resembles Hertzian failure and shear plugging failure, see Figure 2.16d. In
contrast, the uncured prepregs behaved similarly to the Dyneemar composites
and failed by a progressive perforation (i.e. number of failed plies increases with
impact velocity) that involved the tensile failure of the fibres, see Figure 2.16c.
Overall, most of the above literature reveals that laminates with a matrix
having low shear strength, low modulus, and high ductility offer superior
ballistic resistance (e.g. thermoplastic PEEK versus thermoset epoxy matrix).
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Figure 2.16: Summary of a ballistic experiment that demonstrated the effect of the matrix
shear strength of composite laminates on their penetration velocity vp. a) An
illustration of the profile view of the ballistic test for a 4 mm thick composite
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Although fibre failure is presumed to be responsible for the energy absorption
during penetration, the matrix may have an indirect effect by constraining
the mobility of the fibres and provoking a change in failure mechanism
(Karthikeyan et al., 2013b; Lee et al., 2001). However, the precise effect of
matrix properties on the prevailing failure mechanism is not understood. The
results from Karthikeyan et al. (2013b) in particular motivated the current
thesis to explore the following topics in Chapter 5: (i) to characterise the
failure mechanism(s) of CFRP laminates as matrix shear strength decreases,
(ii) to determine whether the newly characterised indirect tension mechanism
can be activated in CFRP, and (iii) to assess the potential of creating structural
composites with relatively high impact resistance.
2.4.3 Hybridisation with Different Fibres
As discussed in Section 2.4.1, for laminates with a given matrix material,
composite fibres that have higher elongation to failure (i.e. glass fibres,
aramid-based Kevlarr fibres, and UHMWPE-based Dyneemar fibres) show
better impact performance than the less ductile carbon fibres. The drawback
of these fibres with higher elongation to failure (referred to as HE fibres) is
that they have lower in-plane compressive strength compared to their low
elongation to failure counterparts (referred to as LE fibres). Consequently,
multiple researchers since the 1970s have attempted to improve upon the
impact resistance of composites with LE fibres or to enhance the in-plane
compressive strength of composites with HE fibres, by combining them into
‘fibre hybrid composites’ (Beaumont et al., 1975; Harris and Bunsell, 1975;
Mallick and Broutman, 1977; Perry and Adams, 1975). Swolfs et al. (2014)
have provided a detailed review of the mechanical performance of fibre hybrid
composites under quasi-static, fatigue, and ballistic loading. The following
section focuses on the impact resistance of fibre hybrid composites.
Fibre hybrid composites comprise of at least two types of fibres bonded within
a single matrix material (usually epoxy matrix). They are typically classified
by levels of dispersion: (i) bilayer, (ii) alternating layer, and (iii) intermingled
composites, as illustrated in Figure 2.17. The impact resistance of fibre hybrid
composites varies significantly depending on the properties of the chosen fibre
precursors, the matrix system, the degree of dispersion, as well as the relative
position of the LE and HE layers.
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Figure 2.17: Schematic illustrations of the three typical classes of fibre hybrid composites.
Image adapted from Swolfs et al. (2014).
Peijs and Venderbosch (1991) conducted a Charpy impact test on
unidirectional hybrid beams comprising CFRP and UHMWPE fibres. They
found a rather surprising result in which the total impact energy dissipation
of hybrid beams can increase for beams with higher degrees of dispersion (i.e.
higher number of alternating layers) and can even outperform the composite
precursors; their data are presented in Figure 2.18. However, this benefit
has not been observed for hybrid laminates tested under ballistic loading. In
general, the ballistic resistance of fibre hybrids with a lower degree of dispersion
(such as bilayer or trilayer composites) would usually lie between the impact
resistances of their composite precursors on a equal-thickness basis, but could
perform better or worse than the rule of mixtures (Jang et al., 1989; Mallick and
Broutman, 1977; Sevkat et al., 2009). Figure 2.19 provides a visual explanation
of positive and negative hybrid effects in relation to the rule of mixtures.
The perforation mechanisms of bilayer carbon fibre/UHMWPE fibre
composites and multilayer carbon fibre/glass fibre composites have been
investigated by Enfedaque et al. (2010); Peijs et al. (1990a,b). These studies
reported that the failure mechanism of the CFRP layer was qualitatively
similar to that of monolithic CFRP laminates, with failure consisting of
transverse matrix cracks, ply delamination, and fibre fracture. Enfedaque
et al. (2010) achieved similar results and argued that the presence of the HE
layer helps the LE layer to sustain more deflection before fracture.
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Figure 2.18: Plot of total impact energy as a function of number of alternating layers in
the Charpy impact experiment of carbon fibre/UHWMPE fibre hybrid beams.
Specimen dimensions in the figure are all in mm. Image adapted from Peijs
and Venderbosch (1991).
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Researchers have also been interested in determining the effect of layer position
on the impact resistance of fibre hybrid composites. For a symmetric lay-up
(i.e. laminates that have a mirror symmetry along the mid-plane), Enfedaque
et al. (2010); Sevkat et al. (2009) showed that fibre hybrid composites have
higher penetration resistance when the HE layers are placed at the outermost
layers (i.e. the top and back faces with at least one other fibre layer in
between). However, for an asymmetric bi-layer system, contradictory results
have been reported. Park and Jang (2001); Sayer et al. (2010) showed that
higher penetration resistance can be attained by placing the HE layer at the
back, behind the LE layer. They argued that placing the HE layer at the
tensile side allowed it to absorb more energy. In contrast, Jang et al. (1989)
observed worse performance when placing the HE layer at the back and the
LE layer on top. They suggested that when the LE layer was struck first, it
perforated with a lesser degree of plastic deformation and thus offered inferior
energy dissipation capability. To reconcile the above contradictory results,
more research on bilayer composites is necessary.
Recently, Karthikeyan et al. (2013b) revealed that the impact resistance of
monolithic CFRP composites with low matrix shear strength (∼ 0.1 MPa)
can be comparable to that of armour-grade Dyneemar composites and they
exhibit a similar perforation mechanism. Their data suggests that it is possible
to develop a new form of CFRP hybrids with an improved ballistic limit by
alternating layers of CFRP with low and high matrix shear strength. As
yet, no literature has investigated the impact response of hybrid composites
constructed of the same fibre but with varying matrix properties. Therefore,
Chapter 6 will investigate the ballistic response of bilayer CFRP laminates
composed of CFRP layers with different matrix shear strengths (∼ 0.1 MPa
and ∼ 60 MPa).
2.4.4 Lamination with Metal Layers
Another type of hybrid composite can be formed by laminating fibre
composites layers with metal layers, usually referred to as fibre metal laminates
(FML). There are currently three types of FMLs: armaid fibre reinforced
aluminium laminates (ARALLr), glass reinforced aluminium laminates
(GLAREr), and carbon fibre reinforced aluminium laminates (CARAL). The
concept of FML was originally introduced by Delft University of Technology
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in the 1970s, where ARALLr composites were developed for their high fatigue
strength. GLAREr composites were later introduced in the 1990s for their
high impact resistance. Many researchers have investigated the quasi-static,
dynamic, and fatigue responses of ARALLr and GLAREr, and detailed
reviews have been compiled by Sadighi et al. (2012); Sinmazc¸elik et al. (2011).
Figure 2.20a shows a schematic illustration of a typical fibre metal laminate.
Commonly, FMLs such as ARALLr, GLAREr, and CARAL are constructed
with 3 layers of aluminium alloy and 2 layers of fibre composites. The
aluminium alloy layers are placed at the top, middle, and bottom, with the
composite layers (either unidirectional or cross-ply) placed between them. The
metal layers can be various grades of aluminium alloy (usually AA2024 or
AA7475), while the fibres can be Kevlarr fibres, glass fibres, or carbon fibres,
and the matrix in the composite layers is usually thermoset epoxy.
Pioneering work given by Vlot (1991, 1993, 1996) has compared the impact
resistance among ARALLr, GLAREr and CARAL through a drop-weight
experiment. He found that all types of FML show higher energy dissipation
at impact penetration than their composite precursors. Notably, GLAREr
composites show higher impact resistance even than monolithic aluminium
alloy plates. An investigation given by Hoo Fatt et al. (2003) presented
similar results, in which he found that the ballistic penetration velocity of
s-glass epoxy-based GLAREr can be 13% higher than that of monolithic
aluminium alloy plates with the same areal density. In general, the impact
resistance of different FMLs can be ranked in the following order: (i) GLAREr,
(ii) ARALLr, and (iii) CARAL. However, only a limited amount of literature
is currently available regarding CARALr and their impact performance is not
fully understood (Bienias´ et al., 2015; Jaroslaw et al., 2016; Lawcock et al.,
1998; Song et al., 2010; Vlot and Krull, 1997; Yu et al., 2015).
In his pioneering work, Vlot (1991, 1993, 1996) also investigated the cause of
impact failure of various FML composites. He found that the relatively high
elongation to failure (∼ 5%) of glass fibres in GLAREr allow them to sustain
a higher deflection before failure; thus, the first instance of failure in GLAREr
was caused by shear fracture in the aluminium alloy (referred to as the
‘aluminium critical’ mode). In contrast, Kevlarr fibres and carbon fibres have
lower elongations to failure (∼ 1 - 3%), and thus the first failure in ARALLr
and CARAL was caused by fibre failure (referred to as the ‘fibre critical’ mode).
Vlot (1991, 1993, 1996) also found that GLAREr composites consisting of an
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AA7475-T6 aluminium alloy, with high strength but low ductility, performed
worse than composites consisting of an AA2024-T3 aluminium alloy, with
low strength and high ductility. However, this yield strength effect was not
observed for ARALLr composites, probably due to their ‘fibre critical’ mode.
These observations were in agreement with studies by Jaroslaw et al. (2016);
Liu (2010).
Caprino et al. (2004) investigated the perforation mechanism of GLAREr
composites using CT-scanning. They revealed that transverse matrix crack
formation and ply delamination within the GFRP layer can occur at low impact
velocities, whereas high impact velocities are associated with the rupture
of the aluminium alloy at the back face and fibre failure. A recent study
by Bienias´ et al. (2015) investigated the damage mechanism of a composite
sandwich consisting of a CFRP core and two aluminium alloy face sheets
subjected to low-velocity impact. They observed that the CFRP layer in the
sandwiches had fewer transverse matrix cracks and less delamination than in
the monolithic CFRP plates, but the overall failure mechanism was similar,
see Figures 2.20b and 2.20c. They proposed that the global deformation of
the composite sandwiches may have dissipated the majority of the impact
energy and mitigated the damage in the CFRP layer. However, their study
did not investigate the penetration mechanism involving fibre failure at higher
impact velocities. Consequently, Chapter 7 of this thesis will investigate the
perforation mechanism(s) and the effect of the metal layer’s yield strength on
the ballistic resistance of aluminium alloy/CFRP bilayer plates.
45
bre composite 
layer
aluminium alloy
layer
(b) 
(a) 
Monolithic CFRP
(c) Aluminium alloy/CFRP sandwich
10 mm
impact direction
y
z
x
1 J
z
x
2.5 J
5 J
10 mm
1 J
z
x
2.5 J
5 J
CFRP
Al
Al
Fibre metal laminate
Figure 2.20: a) Schematic illustration of a typical fibre metal laminate that consists of
alternating metal layers and fibre composite layers; image adapted from Sadighi
et al. (2012). Optical images comparing the failure behaviours of b) a
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sandwich; images adapted from Bienias´ et al. (2015).
46
2.5 Conclusions
The above literature review has established that there remain several critical
uncertainties in the field of composite ballistic research.
(i) There are currently no generally accepted theories or criteria regarding the
activation of the different perforation mechanisms (shear plugging, membrane
stretching, and indirect tension) that are commonly observed in various fibre
composites.
(ii) Recent data has suggested that the impact resistance of CFRP can be
improved by a reduction of matrix shear strength that achieves a change in
perforation mechanism. However, the precise effect of matrix properties on
the prevailing failure mechanism is not understood.
(iii) It may be possible to achieve an improvement in ballistic limit by
developing hybrid composites constructed with alternating layers of CFRP
with low matrix shear strength and high matrix shear strength. The potential
of this type of protection has not yet been investigated.
(iv) CFRP can be protected against projectile threats using metal layers;
however, the reason for this improvement is unclear.
Consequently, this dissertation provides a set of comprehensive studies
aimed at understanding the influence of matrix shear strength, composite
hybridisation, and lamination with protective metal layers on the perforation
mechanism(s) and resistance of CFRP laminates under quasi-static and
ballistic loading.
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Chapter 3
The Effect of Matrix Shear
Strength on the Measured
Out-of-plane Compressive
Strength of CFRP Cross-ply
Laminates
Summary
Recent studies have revealed that Dyneemar cross-ply laminates fail by an
indirect tension mechanism when subjected to out-of-plane compression and
impact loading (Attwood et al., 2014; Karthikeyan et al., 2013b; O’Masta
et al., 2015a). The indirect tension mechanism has yet to be explored in
carbon fibre/epoxy composite systems. This chapter investigates the failure
mechanisms present in the quasi-static out-of-plane compressive response of
carbon fibre/epoxy cross-ply laminates. Furthermore, the effect of matrix shear
strength on the quasi-static compressive strength was characterised and the
strain rate sensitivity of the laminates was measured in terms of compressive
strength. For this study, CFRP [0◦/90◦] cross-ply laminates with five states
of cure were obtained, varying from as-received uncured prepregs, to partially
cured laminates, and finally to autoclaved fully cured laminates. The matrix
shear strength increases along with degree of cure, from 0.1 MPa to 100 MPa.
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Out-of-plane compression tests were conducted on the above laminates with
various specimen side lengths L× L (with L in the range of 3 mm to 15 mm)
and at various applied strain rates (−ε˙zz = 8 × 10−4s−1, 8 × 10−3s−1, and
8× 10−2s−1).
The strain rate sensitivity of the compressive response was pronounced for
the uncured state, but quickly diminished as the specimens were partially
cured. Measurements of the out-of-plane pressure distribution (i.e. normal
compressive traction) during the compression tests were obtained using Fuji
Prescaler films, and revealed the existence of a shear lag region where pressure
builds up from the periphery of the specimens toward the centre. This results
in a specimen size effect where the compressive strength (i.e. average pressure
at failure) increases with specimen size. Pressure measurements also revealed
that the length of the shear lag zone decreases as matrix shear strength of the
specimens increases. As a result, for a given specimen size, the average pressure
at failure increases with matrix shear strength. For the fully cured state, the
shear lag length is significantly shorter than the specimen side length and the
compressive response is insensitive to specimen size; the average pressure at
failure is ∼ 1.2 GPa.
Scanning Electron Microscopy (SEM) examination revealed that the laminates
generally fail by an indirect tension mechanism: under compression, each ply
expanded in the direction transverse to the fibre, stretching the adjacent plies
in the fibre direction and causing fibre tensile failure. This tendency has one
exception: laminates with the lowest state of cure (i.e. uncured prepregs) and
small specimen size (L < 5 mm) that were tested at a low applied strain rate
(−ε˙zz = 8× 10−4s−1) deformed by shear yielding.
49
3.1 Introduction
Recently, Attwood et al. (2016); O’Masta et al. (2015a) have demonstrated
that the ballistic resistance of Dyneemar cross-ply composites is dictated
by a local indentation-type mechanism involving the in-plane tensile failure
of plies, referred to as indirect tension. This is a different mechanism from
the membrane-stretching mode as analysed by Phoenix and Porwal (2003).
The indirect tension mechanism was investigated by Attwood et al. (2014),
who considered the out-of-plane uniaxial compression of Dyneemar cross-ply
composites under quasi-static loading. Their results were in agreement with
the early experiments reported by Henriksson (1990) on the quasi-static
out-of-plane compresion of CFRP cross-ply laminates. However, Henriksson’s
study did not provide a failure analysis. The focus of the present study
is to determine whether the indirect tension mechanism plays a role in the
out-of-plane compressive response of CFRP cross-ply laminates.
The indirect tension mechanism can arise in cross-ply laminates under
out-of-plane compressive loading by a pressure p, and is a result of (i) the
anisotropy in Poisson expansion within the plane of each ply and (ii) a 0◦/90◦
stacking of plies, see Figure 3.1. Consider a stack of alternating 0◦ and 90◦
plies under out-of-plane compression in the z -direction, and limit attention
to the response of a unit cell comprising a single 0◦ ply (labelled A in the
figure) adhered to an underlying 90◦ ply (labelled B). If the two plies were
allowed to slide freely and without adhesion then, under the same out-of-plane
compressive loading, ply B would undergo a much larger Poisson expansion in
the y-direction than ply A, due to the orientation-dependent Poisson’s ratio.
Such relative deformation is disallowed by the adhesion of the two layers, and
the two layers share the same strain in the y-direction; consequently, layer A
is subjected to a tensile stress σAyy, whereas layer B experiences a compressive
stress σByy = −σAyy as there is no net force in the y-direction. By a symmetry
argument σBxx = σ
A
yy and σ
A
xx = σ
B
yy. Consequently, the apply out-of-plane
compressive pressure p generates axial tension in the fibre direction for each
ply: hence the description ‘indirect tension’.
In addition, edge effects can come into play: when a small sample is compressed
between frictionless platens, the in-plane stresses must build up with increasing
distance from the side face of a specimen in a shear lag manner. Such edge
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Figure 3.1: Schematic illustration of the indirect tension mechanism in a pair of 0◦/90◦ plies
under out-of-plane pressure. Poisson lateral expansion in the 0◦ ply parallel to
the fibre is normally much less than in the 90◦ ply transverse to the fibre. Under
out-of-plane compression, this mismatch in Poisson lateral expansion causes
tension strain in the 0◦ ply and compression in the 90◦ ply.
effects lead to a reduction in the local pressure p. This has been explored
by Attwood et al. (2014) for the case of an elastic-plastic composite response.
Thus far, the out-of-plane compressive response of rate-dependent composites
has not been characterised. This is a focus of the current study.
Preliminary experiments by Karthikeyan et al. (2013b) have suggested that
matrix shear strength also has a significant effect on the ballistic resistance
of carbon fibre reinforced plastic (CFRP). After testing cross-ply laminates of
as-received prepregs and also autoclaved fully cured laminates, they observed
shear plugging in the autoclaved materials and progressive perforation in the
prepregs. Although they noted that the latter mode involved tensile failure of
the fibres, they did not identify the mechanism to be one of indirect tension.
A parallel study in Chapter 5 shall show that this mechanism of ballistic
penetration is indeed indirect tension.
As it has been established that matrix shear strength has a significant
effect on the failure mechanism of CFRP under dynamic loading, the
present study seeks to determine the effect of matrix cure upon the
quasi-static compressive response of CFRP cross-ply laminates. In particular,
IM7/8552 carbon fibre/epoxy cross-ply composites with various specimen
geometry (thickness-to-width ratio) were subjected to quasi-static out-of-plane
compression. Furthermore, strain rate sensitivity of the matrix flow strength
in composites is evident in tests employing a hot-wet environment or dynamic
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loading (Daniel et al., 1981; Gates and Sun, 1991; Soutis and Turkmen, 1997;
Staab and Gilat, 1995; Sun and Chen, 1989). Consequently, the effect of rate
sensitivity of the matrix upon the out-of-plane strength is also investigated.
The outline of the current chapter is as follows. (i) The manufacturing
process of CFRP cross-ply laminates is reported for various states of cure.
(ii) Out-of-plane compression test results are reported. (iii) Results of
additional interrupted test are reported, with pressure mapping used to reveal
the distribution of contact pressure between the anvils and the specimens.
(iv) The deformation behaviour and failure modes are examined by performing
Scanning Electron Microscopy (SEM) on specimens from interrupted tests and
failed specimens.
3.2 Laminates Manufacture
Cross-ply laminates [0◦/90◦]8 were made from Hexplyr 8552/35%/134/IM7
carbon fibre/epoxy prepregs (with ply thickness of 0.131 mm). Five states of
cure were used, with the following labelling procedure employed throughout
this chapter: (A) uncured, (B) partially cured at 100◦C for 2 hours, (C)
partially cured at 120◦C for 2 hours, (D) partially cured at 180◦C for 24 hours,
and (E) autoclaved fully cured specimens. The uncured laminates (A) were
laid-up by hand. Partially cured lay-ups of types (B) to (D) were prepared in a
conventional air-oven using the above cure cycles and were compressed in-situ
at 0.1 MPa in the through-thickness direction by spring-loaded platens (refer to
Appendix A for the detailed drawing of the spring-loaded platens). The fully
cured specimens (E) were autoclaved following the procedure recommended
by Hexcel Ltd. (Hexcel Composites, 2013). Table 3.1 summarises the curing
process specifications of laminate types (A) to (E). Prior to testing, materials
(A) and (B) were cut to test dimensions using a knife, whereas materials (C)
to (E) were cut using an abrasive cutting wheel. With the exception of the
fully cured material (E), all laminates were stored at −15◦C to avoid further
curing and brought back to room temperature for 5 hours prior to testing.
The matrix shear strength of the laminates with five states of cure
were measured using two ASTM-recommended shear test methods (ASTM
Standard, 2013a,b). A ±45◦ tensile test was used to measure the in-plane shear
strength and a short beam shear test was used to measure the out-of-plane
interlaminar shear strength of the laminates at various shear strain rates. The
52
Table 3.1: Curing process of CFRP laminates used in the quasi-static out-of-plane
compression test.
Composite
designation
Curing method Curing
temperature
Curing
duration
Applied
pressure
A uncured room
temperature
– –
B oven cured 100◦C 2 hours out-of-plane
0.1 MPa
C oven cured 120◦C 2 hours out-of-plane
0.1 MPa
D oven cured 180◦C 24 hours out-of-plane
0.1 MPa
E autoclaved 180◦C 2 hours hydrostatic
0.7 MPa
shear test set-ups and the detailed results are summarised in Appendix B. In
general, the matrix shear strength increases with the state of cure. Laminates
with low states of cure, such as materials (A) and (B), were shown to be strain
rate sensitive. Their shear responses in the ±45◦ tensile test and short beam
shear test were identical and can be characterised by a viscoplastic power-law:
τ
τ0
=
(
γ˙
γ˙0
)m
(3.1)
where γ˙0 is a reference shear strain rate, τ0 is a reference flow shear stress at
a particular shear strain (chosen to be γ = 5%), and m is an exponent (where
m > 0) representing the strain rate sensitivity of the matrix flow stress. In
contrast, laminates with high states of cure, such as materials (C) to (E), were
found to be rate insensitive. Their shear yield strengths τy (defined to be τ at
γ = 5%) measured from the ±45◦ tensile test differed from their short beam
shear strength. The shear parameters of materials (A) and (B) and the shear
yield strength τy of materials (C) to (E) measured from the ±45◦ tensile test
and short beam shear test are summarised in Table 3.2.
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Table 3.2: Summary of shear test results measured from CFRP laminates with various states
of cure.
Material Reference
strain
rate
γ˙0(s
−1)
Reference
shear
stress
τ0
(MPa)
Strain
rate
sensitivity
coefficient
m
τy in ±45◦
tensile test
(MPa)
Short beam
shear
strength
(MPa)
A 10−3 0.11 0.45 – –
B 10−3 0.82 0.39 – –
C – – – 48 ± 2.3 22 ± 1.9
D – – – 87 ± 8.2 61 ± 3.7
E – – – 87 ± 0.85 99 ± 6.9
3.3 Test Methods
3.3.1 Out-of-plane Compression Test
For the five different states of cure, cross-ply specimens [0◦/90◦]8 of thickness
2 mm (16 plies) and of side length L × L (with L in the range of 3 mm to
15 mm) were compressed in the out-of-plane direction between two hardened
silver steel platens (700 Vickers), using a screw-driven test machine with a
150 kN load cell. The plates were lubricated with a low viscosity mineral oil,
as illustrated in Figure 3.2. The compression tests were performed at three
selected values of out-of-plane strain rate: −ε˙zz = 8×10−4s−1, 8×10−3s−1, and
8×10−2s−1. For each state of cure, a minimum of 24 specimens were tested to
failure at various specimen side lengths L and strain rates. The compressive
load was recorded by the machine load cell and the displacement between the
steel plates was measured using a laser extensometer. For selected samples,
measurements were made of the pressure distribution (i.e. normal compressive
traction) on the loaded face. To achieve this, pressure measurement films (Fuji
Prescaler) were used to map out the pressure distribution of the specimens
during the compression test. Fuji Prescaler films were chosen for their high
resolving power (∼ 0.2 mm) and large range of pressure measurement (up
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Figure 3.2: Schematic illustration of the quasi-static out-of-plane compression test set-up.
F is the compressive force and uz is the cross head displacement.
to 300 MPa). During the compression test, a stack of Fuji Prescaler films
corresponding to different pressure ranges (i.e. one layer each of Prescaler
MS film, HS film, and HHS film) was placed between the specimen and the
steel plate. Each Fuji Prescaler film contains a colour-forming layer on top
of a colour-developing layer. The colour-forming layer contains microcapsules
with various sizes and wall strengths that are correlated with pressure. When
pressure is applied, the microcapsules with various strengths would break at
different pressures, creating a red coloured patch with varying intensity of
colour depending on the local pressure. Calibrations had been conducted on
the MS, HS, and HHS films by compressing them between two flat platens
at incremental pressure levels, giving a calibrated pressure range of 35 MPa
to 300 MPa. To ensure that a full pressure profile would be recorded for the
CFRP laminates, specimens were unloaded before a peak pressure of 250 MPa
was reached.
3.3.2 Deformation Mechanics and Failure Mechanism
Several additional specimens were subjected to out-of-plane compression and
unloaded at a strain level either (i) before failure or (ii) immediately after
failure, after which they were examined using Scanning Electron Microscopy
(SEM):
(i) Unloading prior to failure allowed the deformation mechanics to be
observed. Specimens used for this purpose were prepared in the following
method prior to the test. One side of the specimens was polished and then
gold coated. Vertical incisions with ∼ 0.5 mm spacing were then made by
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using a knife to remove the gold coating. These incisions were used to visually
demonstrate the deformation experienced by the plies.
(ii) The specimens that were compressed past failure were used to observe the
failure mechanism. After the compression test, failed specimens were placed
in a 425◦C environment for 90 minutes to partially pyrolyse the resin in the
laminate, following a de-ply technique developed by Freeman (1982) used to
reveal the failure behaviour of the plies.
3.4 Results
3.4.1 Out-of-plane Compressive Response
Quasi-static out-of-plane compression tests were performed on cross-ply
laminates [0◦/90◦]8 with specimen side length L in the range of 3 mm to
15 mm with five different states of cure, (A) to (E). Examples of out-of-plane
compressive response (expressed in terms of average pressure p¯ = F/L2 versus
compressive strain −εzz) at a strain rate of −ε˙zz = 8× 10−4s−1 are presented
in Figure 3.3. The key observations derived from the figures are described
below.
(i) It is apparent that the compressive response can be influenced by the
specimen side length L. However, the relative significance of the size effect
decreases as the laminate’s state of cure increases. Consider material (A),
which represents uncured prepregs. For L = 3 mm, compressive average
pressure plateaus at 10 MPa due to shear yielding of the plies. As the specimen
size increases, the compressive response switches from shear yielding to ply
tensile failure as indicated by a sudden load drop (evidence that this is caused
by the indirect tension mechanism will be presented in the next section). For
instance, at L = 7 mm, material (A) experiences compressive failure at an
average pressure of p¯f = 175 MPa (denoted with label Ö in Figure 3.3a),
which represents a ∼ 170% increase over the average pressure at failure for the
L = 3 mm specimen. The specimen size effect is most pronounced in material
(A) with lowest state of cure. As the matrix shear strength increases through
the curing process, the specimen size effect becomes less significant. Once the
fully cured state is reached, the failure average pressure of material (E) only
increases ∼ 13% from p¯f = 1100 MPa to 1250 MPa when L increases from
3 mm to 7 mm (see Figure 3.3e).
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(ii) For a given specimen size, the average pressure at compressive failure
p¯f rises as matrix shear strength increases. For example, at L = 7 mm, p¯f
increases from 175 MPa to 1000 MPa to 1250 MPa as state of cure increase
from material (A) to (C) and finally to (E).
(iii) There appears to be a stiffening effect in the compressive response of
materials (A) and (C) at strain values prior to failure. This stiffening response
has been reported for the transverse compression of unidirectional carbon
fibre prepregs (Cai and Gutowski, 1992; Gutowski et al., 1987; Gutowski
and Dillon, 1992; Hubert and Poursartip, 2001). It is understood that the
stiffening response is caused by fibre rearrangement or fibres in contact with
one another at large compressive strains. This fibre compaction response is
most pronounced in the uncured state due to the high degree of viscoplastic
strain, and gradually declines as matrix shear strength increases. At the fully
cured state, material (E) with high matrix shear strength shows little plasticity
and fibre compaction, which produces a linear compressive response.
3.4.2 Compressive Strength versus Specimen Size
Figures 3.4a to 3.4e show the measured the compressive strength (in terms
of average pressure at compressive failure p¯f ) versus specimen side length
L at different states of cure and tested at various strain rates ε˙zz. Where
compressive failure does not occur, plateau average pressure is used instead
(i.e. material (A) at L = 3 mm and −ε˙zz = 8 × 10−4s−1). These figures give
rise to two key observations:
(i) It appears that the average pressure at failure p¯f can be influenced by the
compressive strain rate. This strain rate effect is most noticeable in material
(A), which has the lowest state of cure. For instance, at L = 7 mm, p¯f in
material (A) rises from 150 MPa to 600 MPa as strain rate increases from
−ε˙zz = 8 × 10−4s−1 to 8× 10−2s−1. This rate effect becomes undetectable in
materials (B) to (E) due to the reduced strain rate sensitivity of the matrix
after curing.
(ii) As was also illustrated in Figure 3.4, p¯f is influenced by the specimen
size. This size effect is most noticeable in material (A). For instance,
at −ε˙zz = 8× 10−4s−1, p¯f increases from 10 MPa to 350 MPa as L increases
from 3 mm to 10 mm. The effect of specimen size gradually declines as matrix
shear strength increases and thus becomes negligible in material (E).
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Figure 3.4f summarises the above data by displaying selected compression
test results in terms of p¯f (at test strain rates from −ε˙zz = 8× 10−4s−1 to
8× 10−2s−1) versus the short beam shear strength of each material (tested at
γ˙ = 10−3s−1) for a constant specimen size of L = 7 mm. Both the effects
of matrix shear strength and the strain rate sensitivity are apparent here. In
general, p¯f scales along with matrix shear strength.
3.4.3 Pressure Distribution of the Laminates during
Compression
Cross-ply laminate types (A), (B), (C), and (E) with specimen
size of L = 10 mm were subjected to out-of-plane compression
at a strain rate of -ε˙zz=8×10−4s−1 at three pressure levels:
pmax = 100 MPa, 200 MPa, and 250 MPa. pmax is defined to be the
maximum pressure located at the centre of the specimen on the x -y plane
in Figure 3.5 (i.e. x = y = 0). The out-of-plane pressure distribution of
the laminates was recorded using Prescaler pressure measurement films.
Examples of pressure distributions for materials (A), (B), (C), and (E) at
compression pressure pmax = 250 MPa are reported in Figures 3.5a to 3.5d
(due to the symmetry of the square specimens, only one quarter of the pressure
profiles are presented). For all materials, pressures were at a minimum along
the periphery of the specimens and would build up toward the centre of the
specimens (x = y = 0), revealing the existence of shear lag zones. After the
building pressures reached the ends of the shear lag zones, pressure remained
uniform at a maximum of ∼ 250 MPa. The existence of the shear lag zone is
indicative of interlaminar shear plastic deformation, with the length of this
zone λ correlating to the level of shear plastic deformation in the specimens.
Figure 3.6 summarises the pressure distribution of materials (A), (B), (C),
and (E) at pmax = 100 MPa, 200 MPa, and 250 MPa by presenting only the
pressure p along the centre line (y = 0) of the specimens. As matrix shear
strength increases, interlaminar shear plastic deformation is suppressed, and
thus λ gradually decreases. For example, at pmax = 250 MPa, λ as a function
of matrix shear strength is as follows: ∼ 2 mm for material (A), ∼ 0.5 mm for
material (B), ∼ 0.3 mm for material (C), and ∼ 0.2 mm for material (E).
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3.4.4 Observed Deformation and Failure Mechanisms
Cross-ply laminate types (A), (B), and (E) with specimen side length
L = 7 mm were subjected to out-of-plane compression at a strain rate of
−ε˙zz = 8× 10−4s−1 followed by unloading at (i) a strain level prior to failure
(-εzz=12%) and (ii) immediately after failure. Prior to the compression tests,
one side of the specimens was polished and then gold coated. Vertical incisions
with ∼ 0.5 mm spacing were then made by using a knife to remove the coatings.
SEM side-views of specimens compressed to −εzz = 12% (before failure)
revealed that the above incisions changed from vertical lines to a ‘square wave’
pattern accompanied by ply extrusions at the specimen edges, as shown in
Figures 3.7a, 3.7c, and 3.7e. The above square wave pattern reveals that the
deformation of the laminates was dictated by plastic Poisson expansion of the
plies in the direction transverse to the fibres and by interlaminar shear at the
interface between the alternating 0◦ and 90◦ plies. The plastic strains of the
laminates can be compared qualitatively by examining the extent of the above
Poisson expansion in the figures. The plastic strains in the specimens decrease
as the state of matrix cure increases from materials (A) to (E), with Poisson
expansion becoming almost undetectable in material (E). Specimens that were
compressed past failure were de-plied and then examined using SEM. The
middle plies of failed specimens (A), (B), and (E) are presented in Figures 3.7b,
3.7d, and 3.7f, respectively. Ply tensile failure is apparent in all the materials.
Figure 3.7g illustrates the (i) Poisson expansion of plies and (ii) ply tensile
failure in a cross-ply laminate. The above observations were consistent with
the indirect tension failure of Dyneemar cross-ply laminates observed under
out-of-plane compression (Attwood et al., 2014). Therefore, it is concluded
that the CFRP cross-ply laminates in the current study also failed by the
indirect tension mechanism.
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Figure 3.7: SEM side view images of L = 7 mm cross-ply specimens (with 0.5 mm vertical
incisions) made of materials a) (A), d) (B), and e) (E) tested to a strain level
prior to failure (−εzz = 12%). SEM top view images of the mid-ply in materials
b) (A), d) (B), and f) (E) after compression failure. g) A illustration of the
(i) Poisson expansion of plies and (ii) ply tensile failure in the indirect tension
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3.5 Discussion
In the out-of-plane compression experiment, it was found that CFRP cross-ply
laminates generally failed by an indirect tension mechanism, but uncured
prepregs with small specimen size tested at a low applied strain rate
experienced shear yielding. Consider a stack of alternating 0◦ and 90◦ plies
(with size L×L) under out-of-plane compression in the z -direction, and limit
attention to the response of one quarter of the specimen (with size L/2×L/2)
with a unit cell comprising a single 0◦ ply (labelled A) adhered to an underlying
90◦ ply (labelled B), as illustrated in Figure 3.8a.
The underlying causes of these failure mechanisms are summarised as follows.
(i) If the two plies are allowed to slide freely and without adhesion then,
under the same out-of-plane compressive loading, ply B would undergo a
much larger Poisson expansion in the x -direction than ply A, due to the
orientation-dependent Poisson’s ratio. However, at the centre of the specimen
(defined as x = y = 0), such relative deformation is restricted by the adhesion
of the two layers, and the two layers share the same strain in the x -direction.
Consequently, layer A is subjected to an in-plane tensile stress σAxx in the
fibre direction, whereas layer B experiences an in-plane compressive stress
σBxx = −σAxx transverse to the fibre since there is no net force in the x -direction.
By a symmetry argument, σByy = σ
A
xx and σ
A
yy = σ
B
xx.
(ii) In the region near the periphery of the specimen, interlaminar shear occurs
at the interface between the alternating 0◦ and 90◦ plies, introducing a shear
lag effect. This creates a shear lag zone (with a length λ) where pressure p
builds up from the periphery toward the centre, see profile view in Figure 3.8b.
(iii) For small specimens, the shear lag zone may cover the entire specimen (if
the length of the shear lag zone λ is equal to half the specimen width L/2). In
this case, the laminate would deform through shear yielding. This mechanism
was only observed in uncured prepregs with specimen side length L less than
5 mm (with applied strain of −ε˙zz = 8× 10−4s−1).
(iv) For larger specimens, the pressure p remains constant at a maximum value
of pmax in the area near the centre (i.e. outside of the shear lag zone). pmax
increases as the compressive strain −εzz rises and failure occurs due to ply
tensile failure. This mechanism is referred to as indirect tension.
In addition to investigating the failure mechanisms, this study also evaluated
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Figure 3.8: Schematic illustrations of a cross-ply laminate under out-of-plane compression
with a unit cell equal to a quarter of a specimen (with size L/2 × L/2) that
comprises of a single 0◦ ply adhered to an underlying 90◦ ply. a) An illustration
of the indirect tension mechanism arising as a result of the anisotropy in Poisson
expansion within the plane of each ply. b) Its profile view showing the pressure p
as it builds up from the periphery toward the centre of the specimen (x = y = 0)
due to a shear lag effect.
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the effects of applied compressive strain rate, laminate matrix shear strength,
and specimen size on the compressive strength (i.e. average pressure
at compressive failure p¯f ). Laminates with the lowest state of cure
deformed in a viscoplastic manner and demonstrated a pronounced strain rate
sensitivity where p¯f increases with the applied strain rate. This strain rate
sensitivity quickly diminished as the laminates were partially cured. Pressure
measurements also revealed that the above-mentioned shear lag length λ
decreases as the matrix shear strength of the specimens increases. As a
result, for a given specimen size, the p¯f increases with the matrix shear
strength. This shear lag effect also produces a specimen size effect where
the p¯f increases with specimen size. However, at the fully cured state, the
shear lag length λ is significantly shorter than the specimen side length L and
the compressive response is insensitive to specimen size, with p¯f remaining
constant at ∼ 1.2 GPa.
3.6 Conclusions
The current study investigates the failure mechanisms of CFRP [0◦/90◦]8
cross-ply laminates under quasi-static uniaxial out-of-plane compression, as
well as the role of matrix shear strength. Cross-ply laminates with five
states of cure were obtained, varying from as-received uncured prepregs, to
partially cured laminates, and finally to autoclaved fully cured laminates.
The matrix shear strength increased along with the degree of cure, from
0.1 MPa to 100 MPa. Out-of-plane compression tests were conducted on the
above laminates with various specimen side lengths L and at various applied
strain rates. Scanning Electron Microscopy (SEM) examination revealed
that the laminates generally fail by an indirect tension mechanism: under
compression, each ply expanded in the direction transverse to the fibre,
stretching the adjacent plies in the fibre direction and causing fibre tensile
failure. This tendency has one exception: laminates with the lowest state of
cure (i.e. uncured prepregs) and small specimen size (L < 5 mm) that were
tested at a low applied strain rate (−ε˙zz = 8 × 10−4s−1) deformed by shear
yielding.
In addition, the effects of matrix shear strength, specimen size, and applied
strain rate on the compressive strength (i.e. the average pressure at
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compressive failure) were also characterised. All else being equal, the
compressive strength increased along with matrix shear strength. Similarly,
the compressive strength also increased along with the tested specimen size
and applied strain rate. However, the strain rate sensitivity quickly diminished
as the laminates were partially cured.
Pressure measurements revealed that, during compression, pressure builds up
from the periphery toward the centre of specimen in a shear lag manner. This
shear lag effect was responsible for the above-mentioned specimen size effect.
The size of the shear lag zone decreased as the matrix shear strength increased
and eventually became a negligible proportion of the entire specimen. Thus,
for autoclaved fully cured laminates, the compressive strength (∼ 1.2 GPa)
was insensitive to specimen size.
The above description of the indirect tension mechanism is in agreement with
the findings of Attwood et al. (2014), who first observed this mechanism
through a uniaxial out-of-plane compression test of Dyneemar cross-ply
laminates. A recent study by O’Masta et al. (2015a) revealed that Dyneemar
cross-ply plates fail by indirect tension under ballistic loading. Analogously,
the indirect tension mechanism may be involved in the dynamic failure of
CFRP cross-ply laminates. It is therefore important to develop a predictive
method to explain the observations of the current chapter, which will be
accomplished in Chapter 4.
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Chapter 4
Finite Element and Analytical
Models of CFRP Cross-ply
Laminates under Quasi-static
Out-of-plane Compression
Summary
The quasi-static out-of-plane compressive response and corresponding failure
mechanisms of CFRP cross-ply laminates with various states of matrix
cure were investigated experimentally, as discussed in Chapter 3. In the
current chapter, finite element (FE) simulations and analytical models were
developed to explain (i) the effect of matrix shear strength, (ii) the effect
of specimen geometry, and (iii) the effect of applied strain rate on the
laminates’ compressive strength (i.e. the average pressure at compressive
failure). These models were developed based on the elastic, elastic-plastic
and elastic-viscoplastic behaviours of plies. Both the FE simulations and the
analytical models were in good agreement with the experimental results and
accurately predicted the compressive strength of the cross-ply laminates. The
cross-ply laminates generally fail by indirect tension facilitated by ply tensile
failure, with one exception: uncured laminates with small specimen size that
were tested at a low applied strain rate, deformed by shear yielding.
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4.1 Introduction
The goal of the current chapter is to develop predictive tools to explain the
quasi-static out-of-plane compressive response of CFRP cross-ply laminates
and their sensitivity to material and geometric parameters: matrix shear
strength, specimen size, and applied strain rate. In particular, finite element
(FE) simulations and analytical models will be developed and their predictive
accuracy will be assessed through comparison with the experimental data
obtained previously in Chapter 3.
The experiments described in Chapter 3 have revealed that, under uniaxial
out-of-plane compression, CFRP cross-ply laminates generally fail by the
indirect tension mechanism (except for uncured prepregs with small specimen
size tested at a low applied strain rate, which deform by shear yielding).
Indirect tension refers to a mechanism whereby out-of-plane compressive
pressure generates axial tension in the fibre direction for each ply. The precise
relationship between the in-plane stresses and the out-of-plane compressive
pressure is dependent upon the choice of constitutive law for each ply, such as
whether it behaves in an elastic, plastic, or viscous manner. In broad terms,
the in-plane stresses are of the same order of magnitude as the out-of-plane
compressive pressure p. Attwood et al. (2014) have investigated the indirect
tension mechanism for the case of an elastic-plastic composite response. In
the present study, a detailed analysis shall be developed for the response of a
rate-dependent composite.
The current study adapted the FE and analytical models given by Attwood
et al. (2014) to model the indirect tension (as well as shear yielding) in CFRP
cross-ply laminate. Some modifications were made to the models in order to
account for the strain rate sensitivity of the matrix flow. A literature review
of the strain rate sensitivity of matrix flow is provided below. Furthermore,
out-of-plane compression of the cross-ply laminates in the fully cured state
leads to failure at a pressure in the order of 1 GPa. Such pressures are
sufficiently high that the shear strength of the matrix and the fibre tensile
strength are affected. The extent of this interaction is considered in detail in
this study, but at this stage it is useful to review the literature on the effect
of superimposed pressure upon the flow strength of the matrix and the tensile
strength of fibres.
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4.1.1 Strain Rate Sensitivity of Matrix Flow
Strain rate sensitivity of the matrix flow strength in composites is evident in
tests employing a hot-wet environment or dynamic loading, as noted by inter
alia Daniel et al. (1981); Gates and Sun (1991); Soutis and Turkmen (1997);
Staab and Gilat (1995); Sun and Chen (1989). Generally, the rate sensitivity
in the matrix yield strength is characterised by the viscoplastic power law (for
more detail refer to Gates and Sun (1991); Weeks and Sun (1998)).
4.1.2 Pressure Dependence of the Matrix Shear
Strength
It is generally recognised that the shear strength of the polymeric matrix in
a fibre reinforced composite is pressure dependent. Collings (1974) observed
that the transverse compressive strength of a 90◦ ply in CFRP is significantly
higher than its corresponding tensile strength. He noted that compressive shear
bands were formed at an angle of ∼ 30◦ from the loading axis instead of ∼ 45◦
as commonly seen in the shear yielding of metals. He proposed that the yield
strength of the epoxy matrix is pressure dependent. Collings’ work motivated a
number of studies on the transverse compression of 90◦ plies with superimposed
hydrostatic pressure, see for example (Hine et al., 2005, 1999; Pae and Phee,
1995; Zinoviev and Tsvetkov, 1998). In general, it was observed that the yield
strength of the composites scales with the superimposed hydrostatic pressure.
The underlying idea is that the fibres remain elastic, and slide past each other
in the manner of a granular flow, with plastic deformation of the intervening
polymeric matrix. A Mohr-Coulomb law is used to account for the pressure
dependence of yield strength of the 90◦ ply, along with non-associated flow.
For more detail, refer to (Argon et al., 1968; Gonza´lez and LLorca, 2007;
Rabinowitz et al., 1970; Ward, 1971).
4.1.3 Pressure Dependence of Fibre Tensile Strength
Hine et al. (1999) showed that the tensile strength of dry carbon fibre tows
decreases with an increase in superimposed hydrostatic pressure. Similarly, the
tensile strength of carbon, glass and Kevlarr composites (in an epoxy matrix)
decreases with increasing superimposed pressure, see for example (Hine et al.,
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2005, 1999; Parry and Wronski, 1985, 1986; Sigley et al., 1991; Zinoviev and
Tsvetkov, 1998). The precise reason for this weakening effect is unclear but
the effect is widely recognised.
4.2 Finite Element Simulation for the
Predictions of the Average Pressure at
Compressive Failure
4.2.1 Description of the Finite Element Method
This section describes the finite element (FE) method used to simulate the
out-of-plane compressive response of a cross-ply laminate with a specimen
side length L × L consisting of a stack of alternating 0◦ and 90◦ plies. The
description of the FE method in the current study is adapted from the analysis
given by Attwood et al. (2014). A summary is given below.
Figure 4.1a illustrates a unit cell equal to a quarter of a pair of 0◦ and 90◦ plies
(with size L/2×L/2) that comprises a single 0◦ ply adhered to an underlying
90◦ ply and subject to compression in the z -direction. The global coordinate
system of the cross-ply laminates is defined such that directions x and y are
orthogonal to each other, each parallel to one of the edges of the laminate,
while z represents the out-of-plane direction. Periodic boundary conditions
were enforced at the top and bottom surfaces in the stack of 0◦ and 90◦ plies.
The displacements at these surfaces were constrained to be:
u(A)x = u
(B)
x (4.1a)
u(A)y = u
(B)
y (4.1b)
u(A)z = u
(B)
z − 2(H + 2h)εzz (4.1c)
where (H + 2h) represents the ply thickness and the subscripts (A) and (B)
refer to the top and bottom surfaces of the stack, respectively. Meanwhile,
quarter symmetry was enforced along the centre lines (i.e. ux = 0 along x = 0
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and uy = 0 along y = 0), see Figure 4.1b, and displacement continuity was
assumed along the interface between the two plies. Finite element simulations
were performed using a dynamic implicit version of the commercial FE
package ABAQUS (version 6.12), where the constitutive laws of each ply were
implemented as a user material subroutine (UMAT). The next section provides
a detailed description of the prescribed constitutive laws. The stress increments
were calculated using a forward Euler method for the rate independent model
and a rate tangent modulus method developed by Peirce et al. (1984) for the
rate dependent model. The FE simulation is exited when the failure criterion
for the ply is met.
To model the slip at the interfaces, each of the above 0◦ and 90◦ plies is
constructed such that it consists of one core layer (with a height H) sandwiched
between two interface layers (with a height h), as illustrated in Figure 4.1c. The
material coordinate system of each unidirectional (UD) ply is defined such that
the 1 -direction is parallel to the fibre, the 2 -direction is the in-plane direction
transverse to the fibre, and the 3 -direction is the out-of-plane direction of the
ply (parallel to z -direction in the global coordinate system). Unless otherwise
specified, the above global and local coordinate systems are used throughout
the remainder of the current study. The deformation behaviours of the core
layer and interface layers differ only in two respects:
(i) It is assumed that slip can only occur in interface layers and is prohibited
in the core layer. Therefore, in the core layer, the plastic shear strain rates ε˙pl23
and ε˙pl13 are restricted to be zero (i.e. ε˙
pl
23 = ε˙
pl
13 = 0).
(ii) The interface layers represent resin rich regions between alternating plies.
Since they comprise mainly of resin, the in-plane moduli of the interface (E11
and E22) should not differ. Therefore, the elastic modulus in the interface
layers is set to be equivalent to the transverse modulus (i.e. E11 = E22).
Each interface layer has an element height of h and each core layer has an
element height of H. Since the interface layer mainly comprises resin, its
thickness should be significantly lower than the ply thickness and can be lower
than the diameter of the fibres (∼ 5 µm in the current case). h was assumed
to be 1 µm throughout the analysis and H was set to be 129 µm (i.e. the
reported ply thickness 131 µm less 2h), as summarised in Table 4.1. Each
of the core layers and interface layers was discretised using eight-noded linear
brick elements with reduced integration (C3D8R in the ABAQUS notation).
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Each of these layers had square dimensions in the x-y plane with a side length
of L/2 consisting of 22,500 cuboidal elements, and with element width of L/300
(with L ranging from 1 mm to 15 mm).
4.2.2 Constitutive Law for Each Composite Ply
The current study adapted the finite element model given by Attwood et al.
(2014) to analyse the compressive response of the CFRP cross-ply laminates.
Some modifications were made to account for: (i) the strain rate sensitivity
of the matrix flow and (ii) the pressure dependency of the tensile failure
criterion in the carbon fibre system. In Chapter 3, cross-ply laminates with
five states of cure, denoted as materials (A) to (E), were tested under uniaxial
out-of-plane compression. In these experiments, laminates with low states
of cure were found to be strain-rate sensitive, whereas laminates with higher
states of cure were less sensitive. Therefore, the current study developed three
models to account for laminates that deformed in elastic, elastic-plastic, and
elastic-viscoplastic manners. The elastic model, denoted by EL, was used as
a benchmark to determine the upper limit of the compressive strength of the
CFRP cross-ply laminates. The elastic-plastic model, denoted by EP, was used
to predict the average pressure at failure p¯f of laminate types (C) to (E) that
have low rate sensitivity. Finally, the elastic-viscoplastic model, denoted by
EVP, was used to predict the average pressure at failure p¯f of rate sensitive
laminate types (A) and (B).
The remainder of this section describes the constitutive laws used in these
models. Note that these constitutive laws apply to both the core layers and
the interface layers in the FE simulations. However, as mentioned in the
previous section, the plastic shear strain rates in the core layer were enforced
to be zero (i.e. ε˙pl23 = ε˙
pl
23 = 0) and the elastic modulus E11 in the interface
layers was enforced to be E11 = E22. The input parameters utilised in the FE
simulations are summarised in Table 4.1.
4.2.2.1 Elastic Constitutive Law
Consider a pair of 0◦ and 90◦ plies under out-of-plane compression in the
z -direction (refer to Figure 4.1c for local coordinate system) where each ply
is deforming in an elastic transverse isotropic manner. The elastic strain rate
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Figure 4.1: Schematic illustrations of the finite element model. a) An illustration of a unit
cell equal to a quarter of a specimen (with size L/2 × L/2) that comprises a
single 0◦ ply adhered to an underlying 90◦ ply with global coordinates x, y, and
z. Periodic boundary conditions were enforced at the top and bottom surfaces
in the stack of 0◦ and 90◦ plies. b) An illustration of the plan view of the FE
model with quarter symmetry enforced along the centre lines. c) An illustration
of a single ply consisting of one core layer (with a height H) sandwiched between
two interface layers (with a height h) with local coordinates 1, 2, and 3.
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Table 4.1: The geometrical parameters and material properties used in the FE and
analytical models of the out-of-plane compressive responses of the CFRP cross-ply
laminates.
Materials A B C D E –
Model types EVP EVP EP EP EP EL
Thickness of core layer H (µm) 129 129 129 129 129 129
Thickness of interface layer h
(µm)
1 1 1 1 1 1
Reference stress σ0 (MPa) 0.22 1.64 – – – –
Reference strain rate ε˙0 (s
−1) 5×
10−4
5×
10−4
– – – –
Strain rate dependency m 0.45 0.39 – – – –
Core layer shear yield strength τc
(MPa)
– – 48 87 87 –
Interfacial shear yield strength τi
(MPa)
– – 22 61 99 –
Matrix flow strength pressure
dependency µ
0.05 0.2 0.2 0.2 0.2 –
In-plane modulus E11(GPa)
a 164 164 164 164 164 164
Transverse modulus E33(GPa)
a 10 10 10 10 10 10
Shear modulus G12(GPa)
b 5 5 5 5 5 5
Poisson’s ratio ν23
b 0.43 0.43 0.43 0.43 0.43 0.43
Poisson’s ratio ν21
b 0.02 0.02 0.02 0.02 0.02 0.02
Ply tensile strength S+L (GPa)
b 2.7 2.7 2.7 2.7 2.7 2.7
Tensile strength pressure
dependency α
2 2 2 2 2 2
a Data obtained from Hexcel Composites (2013).
b Data obtained from Marlett (2011).
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components ε˙elij inside each ply can be expressed in terms of the stress rate σ˙ij:

ε˙el11
ε˙el22
ε˙el33
ε˙el23
ε˙el13
ε˙el12

=

1/E11 −ν12/E11 −ν12/E11 0 0 0
−ν12/E11 1/E33 −ν23/E33 0 0 0
−ν12/E11 −ν23/E33 1/E33 0 0 0
0 0 0 (1+ν23)/E33 0 0
0 0 0 0 1/2G12 0
0 0 0 0 0 1/2G12


σ˙11
σ˙22
σ˙33
σ˙23
σ˙13
σ˙12

(4.2)
where E11 and E33 are the in-plane and out-of-plane elastic moduli of the ply,
respectively, while ν12 and ν23 are the Poisson’s ratios in the 1-2 and 2-3 planes,
respectively. G12 is the shear modulus in the 1-2 plane. In the elastic model,
these properties were taken from the measurements of fully cured Hexplyr
8552/IM7 plies (Hexcel Composites, 2013; Marlett, 2011), as summarised in
Table 4.1.
4.2.2.2 Elastic-Plastic Constitutive Law in Materials (C) to (E)
If the above ply deforms in an elastic-plastic manner, the total strain rate
components ε˙totij are the sum of the elastic and plastic strain rates:
ε˙totij = ε˙
el
ij + ε˙
pl
ij (4.3)
The elastic strain rates ε˙elij are expressed the same way as in Eq. (4.2).
Note that the elastic properties of material (E) in Eq. (4.2) were taken
from the measurements of autoclaved cured Hexplyr 8552/IM7 plies (Hexcel
Composites, 2013; Marlett, 2011), as summarised in Table 4.1. The in-plane
modulus E11 in materials (C) to (D) is expected to be dominated by the
fibre and therefore set to be equal to the measurements for the fully cured
material (E). The out-of-plane elastic modulus E33, Poisson’s ratios ν21 and
ν23, and shear modulus G12 have not been measured for materials (C) to (D),
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but were deduced from the following arguments. (i) An analysis given in
Appendix C calculates the stress state at the centre of the cross-ply specimen
(i.e. ignoring shear lag effects) and reveals that the E33, ν21, and ν23 used in the
elastic-plastic model only affect the predictions of compressive failure strain
εf , but do not affect the predictions of average pressure at compressive failure
p¯f . (ii) In the out-of-plane compression experiment of materials (C) to (D),
described in Chapter 3, a stiffening response was observed prior to compressive
failure −εzz > 12%. This stiffening response is due to fibre compaction where
fibres contact one another (Cai and Gutowski, 1992; Gutowski et al., 1987;
Gutowski and Dillon, 1992; Hubert and Poursartip, 2001), which should cause
the transverse modulus E33 of a ply to approach the transverse modulus of
the fibre (i.e. ∼ 10 GPa for PAN-based carbon fibre (Ji et al., 2015), which
is similar to the transverse modulus of a ply at the fully cured state). Since
the models in this study focus on the failure of the laminates (after stiffening
has occurred), it is assumed that E33 for all materials is equal to the modulus
at the compacted state, i.e. 10 GPa. Therefore, the current study assumes
that all the elastic properties in materials (C) to (D) are the same as those
measured in material (E), as summarised in Table 4.1.
The plastic strain rate components ε˙plij can be calculated based on the chosen
yield surface of a single ply. Attwood et al. (2014) have proposed that a yield
surface F of a single unidirectional Dyneemar ply is comprised of four facets
(f1, f2, f3, and f4). This yield surface F is adopted for the CFRP UD plies
and is presented below.
f1 ≡ |σ22 − σ33|
2
+ µσh (4.4a)
f2 ≡ |σ12|+ µσh (4.4b)
f3 ≡ |σ23|+ µσh (4.4c)
f4 ≡ |σ13|+ µσh (4.4d)
where σh ≡ (σ22 + σ33)/2 is the in-plane hydrostatic stress in the 2-3 plane
and µ is a coefficient representing the pressure dependency of the matrix shear
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strength.
Yielding occurs when the yield criterion is satisfied:
F ≡ max(f1, f2, f3, f4)− τy = 0 (4.5)
where τy is matrix shear yield strength at zero hydrostatic stress, σh = 0.
Note that the current FE models treat the core layer and the interface layers
in a ply as separate materials. Depending on the particular laminate system
and the selected manufacturing process, the matrix shear yield strength τy in
the core layer (denoted τc) can differ from that in the interface layer (denoted
τi). τc represents the in-plane matrix shear strength within a ply, whereas
τi represents the interlaminar shear strength between the alternating plies.
The shear yield strengths τc and τi of materials (C) to (E) were independently
measured through a ±45◦ tensile test and a short beam shear test, respectively.
In brief, the shear response of materials (C) to (E) was insensitive to the applied
strain rate in the range of 10−4s−1 to 10−1s−1. Also, the shear yield strengths
(defined to be the τ at γ = 5%) measured from ±45◦ tensile test (i.e. τc) were
different from those in the short beam shear test (i.e. τi). The values of τc
and τi in the FE simulation were taken from these measurements, which are
summarised in Table 4.1.
The other key material property in Eq. (4.4a) is the pressure dependence
coefficient µ of the CFRP plies. For the current CFRP system, µ has not yet
been measured and is thus treated as a fitting parameter. A short analysis
using available data from the literature suggests that µ ∼ 0.2 for the cured
CFRP plies in the current system, as demonstrated below.
Multiple research groups have conducted out-of-plane compression tests
on 90◦ plies of carbon fibre/epoxy and glass fibre/epoxy composites with
superimposed hydrostatic pressure, see (Hine et al., 2005, 1999; Pae and Phee,
1995; Parry and Wronski, 1990). In these studies, 90◦ plies were first loaded
to a constant hydrostatic pressure with a magnitude P in a triaxial pressure
cell. 90◦ plies were then compressed in the 3 -direction illustrated in Figure
4.2. The stress states during the test were σ11 = σ22 = −P and σ33 = −P +σa,
where σa is the applied compressive stress. In general, these researchers
observed that both the compressive yield strength and the failure strength
scale proportionally with the superimposed hydrostatic pressure. Figure 4.2
presents these data in terms of the normalised stress components σ22/τy and
79
-5
-15
-20
-10
0
-20        -15          -10           -5             0
stress state at 0.2% offset
GFRP
σ
33
 
CFRP
2
3
1
2τ
y
 = | σ
22 
-
 
σ
33
| + μ(σ
22 
+
 
σ
33
) 
σ
22
 
σ
33
σ
22
 
μ = 0μ = 0
μ = 0.1
μ = 0.2
μ = 0.1
μ = 0.2
τ
y
τ
y
Figure 4.2: Plot of normalised stress components σ22/τy and σ33/τy at 0.2% offset strength
in the σ33 versus ε33 stress-strain responses of CFRP UD plies and GFRP
UD plies subjected to out-of-plane compression with superimposed hydrostatic
pressure. Data of CFRP were obtained from Hine et al. (1999); Pae and Phee
(1995). Data of GFRP were obtained from Hine et al. (2005); Parry and Wronski
(1990).
σ33/τy at yield. The yield point was defined to be the 0.2% offset strength in
the σ33 versus ε33 stress-strain response.
These data are then compared to the currently proposed yielding criterion of
a ply in the 2-3 plane (τy = f1) i.e.:
2τy = |σ22 − σ33|+ µ (σ22 + σ33) (4.6)
τy in the figure were obtained from the uniaxial out-of-plane compression of a
UD ply when σ22 = 0 ( i.e. τy = σ33 (µ− 1) /2), where σ33 is the 0.2% offset
compression yield strength in the σ33 versus ε33 response. The data reveals
that both carbon fibre/epoxy and glass fibre/epoxy composites are pressure
dependent with a coefficient µ at ∼ 0.2 and ∼ 0.1, respectively. Preliminary
FE simulation trials also showed that µ = 0.2 is appropriate to predict the
compressive response of materials (C) to (E) in the current study. Thus µ = 0.2
is employed in further FE modelling, as shown in Table 4.1.
The plastic strain rate in the FE model is derived from the following
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non-associated flow rule. For each of the yielding facets f1, f2, f3, and f4
in Eq. (4.5), the corresponding flow potentials g1, g2, g3, and g4 are:
g1 ≡ |σ22 − σ33|
2
(4.7a)
g2 ≡ |σ12| (4.7b)
g3 ≡ |σ23| (4.7c)
g4 ≡ |σ13| (4.7d)
Assuming plastic flow with no strain hardening, the plastic strain rate
components are written as:
ε˙plij ≡ λ˙k
∂gk
∂σij
= λ˙1
∂g1
∂σij
+ λ˙2
∂g2
∂σij
+ λ˙3
∂g3
∂σij
+ λ˙4
∂g4
∂σij
(4.8)
where λ˙k are non-negative plastic multipliers associated with each of the flow
potentials gk, and k is the summation index. Each of the λ˙k can be individually
calculated by stating:
∂fk
∂σij
dσij =
∂fk
∂σij
(
Cijmnε˙mn − λ˙lCijmn ∂gl
∂σij
)
= 0 (4.9)
Cijmn is the elastic modulus, and l is the summation index.
4.2.2.3 Elastic-viscoplastic Constitutive Law in Materials (A) and
(B)
If the ply deforms in an elastic-viscoplastic manner, the total strain rate
components ε˙totij are the sum of the elastic and viscoplastic strain rates:
ε˙totij = ε˙
el
ij + ε˙
pl
ij (4.10)
The elastic strain rate components ε˙elij are expressed in the same manner as
in Eq. (4.2). In the elastic-viscoplastic model, in-plane modulus E11 in Eq.
(4.2) for materials (A) and (B) is expected to be dominated by the in-plane
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modulus of the fibre and therefore set to equal the measurement for the fully
cured material (E). The out-of-plane elastic modulus E33, Poisson’s ratios ν21
and ν23, and shear modulus G12 have not been measured for materials (A) and
(B), but are assumed to be equal to the measurements made for fully cured
material (E) as per the arguments presented in Section 4.2.2.2. The values are
summarised in Table 4.1.
Analogous to section 4.2.2.2, a non-associated viscoplastic flow law that
consists of four facets is proposed such that the viscoplastic strain rate
components ε˙plij are derived from the equivalent viscoplastic strain rate ε˙
(k)
e
and the viscoplastic flow potentials Φk:
ε˙plij = ε˙
(k)
e
∂Φk
∂σij
= ε˙(1)e
∂Φ1
∂σij
+ ε˙(2)e
∂Φ2
∂σij
+ ε˙(3)e
∂Φ3
∂σij
+ ε˙(4)e
∂Φ4
∂σij
(4.11)
where k is the summation index. The equivalent viscoplastic strain rates ε˙
(k)
e
in Eq. (4.11) are proposed to follow a viscoplastic power law:
ε˙
(k)
e =
 ε˙0
(
σˆk
σ0
)1/m
0
for σˆk > 0
for σˆk ≤ 0
, k = 1, 2, 3, 4 (4.12)
where σ0 is the reference stress, ε˙0 is the reference strain rate, m is the strain
rate sensitivity exponent, and σˆk are the proposed over stresses that govern
the magnitude of ε˙
(k)
e in each of the four facets.
Recall that the current FE models treat the core layer and the interface layers
in a ply as separate materials. Depending on the particular laminate system
and the selected manufacturing process, the flow parameters σ0, ε˙0, and m in
the core layer can differ from those in the interface layer. The flow parameters
σ0, ε˙0, and m in the core layer and the interface layer can be determined based
on their shear responses in a ±45◦ tensile test and a short beam shear test,
respectively. In brief, the shear responses of materials (A) and (B) were both
sensitive to the applied shear strain rate γ˙. Also, the shear flow parameters
measured from the ±45◦ tensile test were the same as those from the short
beam shear test, including the reference shear stress τ0 (defined to be the τ
at shear strain of γ = 5% and tested at a reference shear strain rate γ˙ = γ˙0),
reference shear strain rate γ˙0, and strain rate sensitivity exponent m. As a
result, in the current FE models of materials (A) and (B), the flow parameters
σ0, ε˙0, and m used in the core layer and in the interface layers were set to be
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equal: with the reference stress set as σ0 = 2τ0 and the reference strain rate
set as ε˙0 = γ˙0/2. These parameters are summarised in Table 4.1.
The over stresses σˆk in Eq. (4.12) are proposed to be:
σˆ1 ≡ |σ22 − σ33|+ 2µσh (4.13a)
σˆ2 ≡ |σ12|+ |σ21|+ 2µσh (4.13b)
σˆ3 ≡ |σ23|+ |σ32|+ 2µσh (4.13c)
σˆ4 ≡ |σ13|+ |σ31|+ 2µσh (4.13d)
where σh ≡ (σ22 + σ33)/2 is the in-plane hydrostatic stress in the 2-3 plane
and µ is a coefficient representing the pressure dependence of the matrix flow
strength. Note that µ is a fitting parameter in the current study. An analysis
in Section 4.2.2.2 showed that µ ∼ 0.2 is appropriate for the CFRP laminates
containing fully cured thermoset epoxy matrix. However, the value of µ
in Dyneemar plies containing a softer thermoplastic polyurethane matrix is
shown to be significantly lower at µ ∼ 0.05 (Attwood et al., 2014). Preliminary
FE simulation trials showed that µ = 0.05 is appropriate to predict the average
pressure at compressive failure p¯f of uncured material (A), whereas µ = 0.2
is appropriate to predict the p¯f of the partially cured material (B). These are
the values of µ employed in further FE simulations, as shown in Table 4.1.
The viscoplastic flow potentials Φk in Eq. (4.11) are defined to be:
Φ1 ≡ |σ22 − σ33| (4.14a)
Φ2 ≡ |σ12|+ |σ21| (4.14b)
Φ3 ≡ |σ23|+ |σ32| (4.14c)
Φ4 ≡ |σ13|+ |σ31| (4.14d)
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It is worth noting that the proposed over stresses σˆk in Eq. (4.14a) are selected
such that σˆk = Φk + 2µσh.
Finally, the viscoplastic strain rate components are expressed according to Eq.
(4.11). For instance, the viscoplastic direct strain rate ε˙pl22 is expressed as:
ε˙pl22 = −ε˙pl33 = sgn (σ22 − σ33) ε˙0
(
σˆ1
σ0
)1/m
(4.15)
and the viscoplastic shear strain rate ε˙pl12 is expressed as:
ε˙pl12 = sgn (σ12) ε˙0
(
σˆ2
σ0
)1/m
(4.16)
4.2.3 Failure Criterion for Each Composite Ply
As mentioned in Section 4.1.3, the tensile strength of dry carbon fibre tows
and carbon fibre/epoxy plies has been shown to decrease with an increase in
superimposed hydrostatic pressure (Hine et al., 2005, 1999; Parry and Wronski,
1985, 1986; Sigley et al., 1991; Zinoviev and Tsvetkov, 1998). To account for
the pressure dependency of fibre tensile strength, the following tensile failure
criterion is proposed for the carbon fibre UD plies used in the current study:
σ11 ≤ S+L +
α
2
(σ22 + σ33) (4.17)
where S+L is the ply tensile strength at zero σh ≡ (σ22+σ33)/2 (i.e. the uniaxial
tensile strength of a UD ply), and α is the coefficient that represents the
pressure dependency of the fibre/ply tensile strength. The pressure dependence
coefficient of ply tensile strength α should not be confused with the above
pressure dependence coefficient of the matrix flow strength µ. Note that when
α = 0 the above tensile failure criterion collapses to the criterion (σ11 ≤ S+L )
proposed by Attwood et al. (2014).
A brief analysis using available data from the literature suggests that α ∼ 2
for the cured CFRP plies in the current system, as demonstrated below.
Hine et al. (1999) showed that the tensile strength of dry carbon fibre tows
declines with an increase in superimposed hydrostatic pressure. Similarly,
multiple research groups have conducted in-plane tensile tests on 0◦ plies
of carbon fibre/epoxy, glass fibre/epoxy, and Kevlarr composites with
84
00.8
0.4
0.2
0.6
1
-1       -0.8       -0.6      -0.4       -0.2          0
stress state at failure
α = 1
α
1
GFRP
α = 2
σ
22
 = σ
33
S
L
+
σ
11
 
S
L
+
CFRP
Kevlar®
2
3
1
σ
11
 = S
L
 +    (σ
22 
+
 
σ
33
)
α
2
σ
11
 
σ
22
 = σ
33
σ
33
+
Figure 4.3: Plot of normalised stress components σ11/S
+
L and σ22/S
+
L = σ33/S
+
L at ply
tensile failure of a UD composite ply subjected to in-plane tension with
superimposed hydrostatic pressure. Data of CFRP were obtained from (Hine
et al., 1999; Parry and Wronski, 1985). Data of GFRP were obtained from (Hine
et al., 2005; Parry and Wronski, 1986; Sigley et al., 1991). Data of Kevlarr
composites were obtained from (Zinoviev and Tsvetkov, 1998).
superimposed hydrostatic pressure. See (Hine et al., 1999; Parry and Wronski,
1985) for data on carbon fibre/epoxy composites; (Hine et al., 2005; Parry and
Wronski, 1986; Sigley et al., 1991) for data on glass fibre/epoxy composites;
and (Zinoviev and Tsvetkov, 1998) on Kevlarr composites. In general, they
found that the tensile strength of 0◦ plies in these composites declined with
increasing superimposed pressure. In these studies, 0◦ plies were first loaded
to a constant hydrostatic pressure with a magnitude P in a triaxial pressure
cell, followed by tensile loading in the 1-direction parallel to the fibre. The
stress state at ply tensile failure was σ22 = σ33 = −P and σ11 = −P + σa,
where σa is the applied tensile stress. Figure 4.3 presents these data in terms of
the normalised stress components σ11/S
+
L and σ22/S
+
L = σ33/S
+
L at ply tensile
failure.
This figure compares these data to the pressure dependent tensile failure
criterion of 0◦ plies proposed in Eq. (4.17) and reveals that the pressure
dependence coefficient α ranges from ∼ 1 to ∼ 2 in the different composite
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systems, with α ∼ 2 for CFRP composites. Consequently, the current FE
model assumes that α = 2 in all the studied CFRP plies and the S+L is
determined based on ply tensile strength at atmospheric pressure (measured
by Hexcel Composites (2013)). These values are summarised in Table 4.1.
4.3 Analytical Models for the Out-of-plane
Compressive Strength
Further to the finite element simulation discussed above, additional insight
was derived from analytical models. The analytical approach focused on: (i)
the effect of specimen side length L on the average pressure at compressive
failure p¯f and (ii) the effect of out-of-plane strain rate ε˙
tot
33 on the p¯f and
shear lag length λ. This study developed three analytical models to predict
the average pressure at compressive failure p¯f for laminates that deform in
elastic, elastic-plastic, and elastic-viscoplastic manners. All these models were
based on the proposed constitutive laws established in Section 4.2.2. The
elastic analytical model in this section was based on laminate plate theory
assuming no slip between the alternating plies. It is used as a benchmark to
determine the upper limit of the compressive strength of the CFRP cross-ply
laminates. The elastic-plastic analytical model was applied to laminate types
(C) to (E) that have low rate sensitivity, while the elastic-viscoplastic analytical
model was applied to rate sensitive laminate types (A) and (B). The material
properties and specimen geometry parameters used in each of these models
are summarised in Table 4.1. In this section, only the calculations of p¯f are
presented. A detailed derivation of the models, as well as the predictions of
compression failure strain εf , can be found in Appendix C.
4.3.1 Elastic Laminate Plate Theory for the
Out-of-plane Compressive Strength
Consider a pair of 0◦ and 90◦ plies (with specimen side length L) under
out-of-plane compression in the z -direction, with each ply deforming in an
elastic transverse isotropic manner. A schematic illustration is provided in
Figure 4.4, with the 0˚ ply labelled A and the 90◦ ply labelled B. The
current elastic laminate plate theory calculates the stress state at the centre
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Figure 4.4: Schematic illustration of a pair of 0◦/90◦ plies under out-of-plane compression.
(x = y = 0) of a specimen where alternating plies are perfectly bonded to
each other with no slip. Furthermore, this model serves as an upper limit on
the compressive strength of a large specimen in which the edge effect of the
specimen (i.e. shear lag effect) is negligible.
For the centre element where there is no slip, the elastic strain components εelij
can be expressed in terms of σij:
εel11
εel22
εel33

=

1/E11 −ν12/E11 −ν12/E11
−ν12/E11 1/E33 −ν23/E33
−ν12/E11 −ν23/E33 1/E33


σ11
σ22
σ33

(4.18)
In Figure 4.4, layer A is subjected to a tensile stress σAyy, and layer B experiences
a compressive stress σByy = −σAyy since there is no net force in the y-direction.
In the local coordinate system, this force equilibrium causes σ22 = −σ11.
The Poisson’s ratio ν12 in Eq. (4.18) is negligible and can be assumed to be
ν12 = 0. For the out-of-plane compression of a cross-ply laminate, Eq. (4.18)
can be written as:
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
εel11
εel22
εel33

=

1/E11 0 0
0 1/E33 −ν23/E33
0 −ν23/E33 1/E33


σ11
−σ11
σ33

(4.19)
In Figure 4.4, layer A and layer B are under equal straining in the x and
y directions. In the local coordinate system, this strain compatibility causes
εel11 = ε
el
22. The relationship between the ply tensile stress parallel to the fibre
σ11 and the out-of-plane stress of a ply σ33 can be expressed as:
σ11 = σ33
( −ν23E11
E11 + E33
)
(4.20)
As out-of-plane compression proceeds, σ11 and σ33 increase in magnitude.
Compressive failure occurs when the ply tensile failure criterion in Eq. (4.17)
is met; the ply tensile failure criterion can be rewritten as:
S+L −
(
1 +
α
2
)
σ11 +
α
2
σ33 = 0 (4.21)
The compressive pressure p ≡ −σzz ≡ −σ33 of the centre element at
compressive failure can be determined by substituting σ11 from Eq. (4.20)
into Eq. (4.17):
p = −σ33 = 2S
+
L (E11 + E33)
(2ν23 + αν23 + α)E11 + αE33
(4.22)
4.3.2 Elastic-plastic Analytical Model
If the above pair of 0◦ and 90◦ plies deforms elastically in the fibre direction
(εpl11 = 0) and deforms in an elastic-plastic manner in the transverse directions
due to the matrix yielding, then a plastic shear lag effect will occur. Thus,
the local pressure p ≡ −σzz ≡ −σ33 increases from the periphery of the
specimen toward the centre and then remains at a maximum pressure after
the shear lag length λ is reached, as shown in Figure 4.5. Within the shear
lag zone, the stress states of the ply can be calculated by using the yielding
criterion consisting of four facets that was established in Eq. (4.21). Consider
a section of the specimen on the 2-3 plane of a ply, and define the coordinate
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Figure 4.5: A free-body diagram of a section of the specimen on the 2-3 plane of a ply with
the 1 -direction defined as parallel to the fibre, and the coordinate Y = L/2−x2
defined such that Y = 0 and x2 = L/2 is the free edge of the specimen.
Y = L/2− x2 as shown in Figure 4.5 such that Y = 0 is the free edge of the
specimen at x2 = L/2 and Y = L/2 is at the centre of the specimen.
The normal stresses σ22 and σ33 within the core region of the layer can be
determined by the yielding criterion f1 previously given in Eq. (4.5). Given
that the out-of-plane stress is σ33 ≤ 0 and that |σ33| > |σ22|, the relationship
between σ22 and σ33 in the core of a ply can be expressed as:
σ33 =
2τc − σ22(µ+ 1)
µ− 1 (4.23)
where τc with subscript c is the shear yield strength within the core region of
a ply at zero σh ≡ (σ22 + σ33)/2. Similarly, the yielding criterion f3 previously
given in Eq. (4.5) determines the relationship among σ23, σ22, and σ33 at the
interface:
σ23 = τi − µ
2
(σ22 + σ33) (4.24)
where τi with subscript i is the interlaminar shear yield strength at zero
σh ≡(σ22+σ33)/2. Recall that the matrix shear yield strength in the core layer
τc can differ from that in the interface layer τi depending on the particular
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laminate system and the selected manufacturing process. For materials (C) to
(E), τc measured from ±45◦ tensile test differed from τi measured from short
beam shear test, as set out in Table 4.1. Substituting σ33 in Eq. (4.23) into
Eq. (4.24) gives:
σ23 =
(1− µ) τi + µτc − µσ22
1− µ (4.25)
Assuming the stress is uniform throughout the thickness of the ply, equilibrium
in the 2-direction dictates that:
H
dσ22
dY
= −2σ23 (4.26)
where H is the height of the core layer. Recall that σ22 = −σ11 due to force
equilibrium. Substituting for σ23 from Eq. (4.25) and integrating using the
boundary condition σ22 = 0 at Y = 0 yields:
σ11 = −σ22 =
[(
1− µ
µ
)
τi + τc
] [
exp
(
aY
H
)
− 1
]
(4.27)
where a ≡ 2µ/(1− µ). σ11 exponentially increases from the free edge (Y = 0)
toward the centre. At the end of the shear lag zone (Y = λ), σ11 remains
constant at a maximum value of σmax11 . The size of the shear lag zone λ for a
given σmax11 is:
λ =
H (1− µ)
2µ
ln
1 + σmax11(
1−µ
µ
)
τi + τc
 (4.28)
The corresponding out-of-plane pressure p ≡ −σ33 within the shear lag zone
can be obtained by substituting for σ22 from Eq. (4.23) into Eq. (4.27):
p =
(1 + µ)
[(
1−µ
µ
)
τi + τc
] [
exp
(
aY
H
)− 1]+ 2τc
1− µ for (Y ≤ λ) (4.29)
while the out-of-plane pressure p remains constant at a maximum value of pmax
outside of the shear lag zone; it can be determined from Eq. (4.23):
pmax =
(1 + µ)σmax11 + 2τc
1− µ for (Y > λ) (4.30)
Recall that Figure 4.5 illustrates that the pressure p increases from the
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periphery of the specimen toward the centre in an exponential manner
according to Eq. (4.29) and then remains at pmax according to Eq. (4.30) after
the shear lag length λ is reached. It is worth noting that the sharp transition
of p at the edge of the shear lag zone is a direct consequence from the proposed
constitutive laws of a ply. Such a sharp transition of pressure profile was not
observed in the experiments presented in Chapter 3. An asymmetric sigmoid
function similar to that proposed by Fukuda and Chou (1981) may describe
the pressure profile in a more realistic manner. However, the above sharp
transition had little influence on the final calculation of the compressive load
F and the average pressure p¯ at indirect tension failure. Thus, for the sake
of simplicity, the model in the current study assumes that the pressure profile
behaves as illustrated in Figure 4.5.
As out-of-plane compression proceeds, σmax11 and pmax at the centre of the
specimen increase in magnitude. Indirect tension failure occurs when the ply
tensile failure criterion in Eq. (4.17) is met; σmax11 at failure is:
σmax11 =
2S+L − αpmax
2 + α
(4.31)
The maximum pressure pmax at indirect tension failure pf can be determined
by substituting σmax11 in Eq. (4.31) into Eq. (4.30):
pf =
(2 + α) τc + (1 + µ)S
+
L
1− µ+ α (4.32)
Similarly, the maximum in-plane tensile stress σmax11 at indirect tension failure
σf11 is:
σf11 =
(2 + α) τc + (2− 2µ+ α− αµ)S+L
(2 + α) (1− µ+ α) (4.33)
Note that within the shear lag zone λ, the local pressure p and ply tensile
stress σ11 are at a lower magnitude than pf and σ
f
11, respectively. The critical
shear lag length λc that is required for the pressure to build up to pf and thus
to cause indirect tension failure can be determined by substituting σf11 into
Eq. (4.28):
λc =
H (1− µ)
2µ
ln
1 + σf11(
1−µ
µ
)
τi + τc
 (4.34)
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For a square specimen with specimen side length L where the entire specimen is
within the shear lag zone (i.e. L/2 < λc), the specimen would deform through
shear yielding instead of failing by indirect tension. As a result, the total
compressive load F and the average pressure at failure p¯f both depend on the
specimen size. The compressive load F can be determined by integrating the
local pressure across the entire specimen:
F = 4
L/2ˆ
0
L/2ˆ
0
pdY dX for (L/2 < λc) and (4.35)
F = 4
λcˆ
0
λcˆ
0
pdY dX + 4 (L− 2λc)
λcˆ
0
pdY + pf (L− 2λc)2 for (L/2 ≥ λc)
(4.36)
Finally, the average pressure at failure p¯f is defined to be:
p¯f ≡ F
L2
(4.37)
The current elastic-plastic analytical model provides some insight into the
influence of matrix shear strength and specimen size on the average pressure
at failure p¯f . Eq. (4.32) and Eq. (4.34) in the current model show that both
the maximum pressure pf and shear lag length λc at indirect tension failure
are affected by the matrix shear strengths (τc and τi) but are independent of
the specimen side length L. Increasing matrix shear strength would raise the
pf and decrease the λc, having the combined effect of increasing the average
pressure at failure p¯f . For laminates with the same state of cure, both pf and
λc would remain constant regardless of the specimen side length L. However,
as the specimen side length L increases, the proportion of the specimen that
consists of the shear lag zone (with length λc) would decrease, having the effect
of increasing average pressure at failure p¯f .
4.3.3 Elastic-viscoplastic Analytical Model
If the 0◦ and 90◦ plies deform in an elastic-viscoplastic manner, the stress
components of a ply in the shear lag zone can be related to each other using
the viscoplastic flow law described in Eq. (4.13a). Given that the out-of-plane
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stress is σ33 ≤ 0 and |σ33| > |σ22|, the relationship between σ22 and σ33 within
the core region of the ply can be expressed as:
σˆ
(c)
1 = σ22 (µ+ 1) + σ33 (µ− 1) (4.38)
where σˆ
(c)
1 with superscript c is the over stress σˆ1 in the core layer. Similarly,
the relationship between, σ23, σ22 and σ33 at the interface can be expressed as:
σˆ
(i)
3 = 2σ23 + µσ22 + µσ33 (4.39)
where σˆ
(i)
3 with superscript i is the over stress σˆ3 at the interface. σˆ
(c)
1 and σˆ
(i)
3
can be expressed in terms of the plastic strain rate by rearranging the power
law in Eq. (4.11):
σˆ
(c)
1 = σ
(c)
0

∣∣∣ε˙pl33∣∣∣
ε˙
(c)
0
mc (4.40)
σˆ
(i)
3 = σ
(i)
0

∣∣∣ε˙pl23∣∣∣
ε˙
(i)
0
mi (4.41)
where σ0, ε˙0, and m are the reference stress, reference strain rate, and rate
sensitivity coefficient, respectively. Recall that the shear flow parameters σ0,
ε˙0, and m in materials (A) and (B) measured for the core layer (from the ±45◦
tensile test) and the interface layers (from the short beam shear test) were
equal, see Table 4.1. As a result, the following simplifications were made to
model materials (A) and (B): σ
(c)
0 = σ
(i)
0 = σ0, ε˙
(c)
0 =ε˙
(i)
0 =ε˙0, and mc = mi = m.
The remainder of this analysis is based on these simplifications.
The normal stress σ33 can be expressed in terms of σ22 and the plastic strain
rate ε˙pl33 by substituting σˆ
(c)
1 from Eq. (4.40) into Eq. (4.38):
σ33 =
σ0
( |ε˙pl33|
ε˙0
)m
− σ22(µ+ 1)
µ− 1 (4.42)
Similarly, shear stress σ23 at the interface can be expressed in terms of σ22,
σ33, and ε˙
pl
23 by substituting σˆ
(i)
3 from Eq. (4.39) into Eq. (4.41):
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σ23 =
σ0
2

∣∣∣ε˙pl23∣∣∣
ε˙0
m − µ
2
(σ22 + σ33) (4.43)
Substituting σ33 in Eq. (4.42) into Eq. (4.43) gives:
σ23 =
σ0
2

∣∣∣ε˙pl23∣∣∣
ε˙0
m + µσ0
2 (1− µ)

∣∣∣ε˙pl33∣∣∣
ε˙0
m − µ
(1− µ)σ22 (4.44)
As for the elastic-plastic model, consider a section of the specimen on the 2-3
plane of a ply, and define the coordinate Y = L/2− x2 as shown in Figure 4.5
such that Y = 0 is the free edge of the specimen at x2 = L/2 and Y = L/2 is
at the centre of the specimen. Equilibrium in the 2-direction dictates that:
H
dσ22
dY
= −2σ23 (4.45)
where H is the height of the core layer. The above expression allows the
calculation of σ11 = −σ22 for a given location Y by substituting for σ23 from
Eq. (4.44). However, this expression does not have an explicit solution and
can only be solved numerically. The accurate solution was obtained from the
FE simulation, but an approximate analytical solution is also provided below.
It is first assumed that the material is under large deformation and the elastic
strain rate is negligible compared to the plastic strain rate such that ε˙pl23 ≈ ε˙tot23
and ε˙pl33 ≈ ε˙tot33 . It is then assumed that a uniform shear strain rate exists
across the shear lag zone λ. Consequently, ε˙tot23 can be estimated in terms of
the applied out-of-plane strain rate ε˙tot33 when considering incompressibility in
the 2-3 plane (i.e. ε˙tot22 = −ε˙tot33 ) as illustrated in Figure 4.6:
ε˙tot23 =
du˙2
2dz
≈ ε˙
tot
22 λ
2h
≈ −ε˙
tot
33 λ
2h
(4.46)
where λ is the shear lag length and h is the height of the interface layer.
Substituting ε˙tot23 and ε˙
tot
33 into Eq. (4.45) followed by substituting σ23 into
Eq. (4.46) gives:
−Hdσ22
dY
= σ0
( |ε˙tot33 |λ
2ε˙0h
)m
+
µσ0
(1− µ)
( |ε˙tot33 |
ε˙0
)m
− 2µ
(1− µ)σ22 (4.47)
The above expression can be integrated to determine σ11 = −σ22 for a given
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Figure 4.6: Schematic illustration of a section of the specimen on the 2-3 plane of a ply,
with a close up view of the shear lag zone to emphasise the relationship between
the strain rate components ε˙tot33 , ε˙
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location Y using the boundary condition σ22 = 0 at Y = 0:
σ11 = −σ22 = σ0
2
[(
1− µ
µ
)( |ε˙tot33 |λ
2ε˙0h
)m
+
( |ε˙tot33 |
ε˙0
)m] [
exp
(
aY
H
)
− 1
]
(4.48)
where a ≡ 2µ/(1−µ). The size of the shear lag zone λ can be back-calculated
by rearranging the above expression to determine the location (Y = λ) at
which σ11 reaches a maximum value of σ
max
11 :
λ =
H (1− µ)
2µ
ln
1 + σmax11(
1−µ
µ
)
σ0
2
( |ε˙tot33 |λ
2ε˙0h
)m
+ σ0
2
( |ε˙tot33 |
ε˙0
)m
 (4.49)
The corresponding out-of-plane pressure p ≡ −σ33 within the shear lag zone
can be obtained by substituting for σ11 = −σ22 from Eq. (4.48) into Eq. (4.42):
p =
σ0
2
[(
1 + µ
µ
)( |ε˙tot33 |λ
2ε˙0h
)m
+
(
1 + µ
1− µ
)( |ε˙tot33 |
ε˙0
)m] [
exp
(
aY
H
)
− 1
]
+
σ0
1− µ
( |ε˙tot33 |
ε˙0
)m
for (Y ≤ λ) (4.50)
while the out-of-plane pressure p remains constant at a maximum value of pmax
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outside of the shear lag zone. This maximum pressure can be determined from
Eq. (4.42):
pmax =
(
1 + µ
1− µ
)
σmax11 +
σ0
1− µ
( |ε˙tot33 |
ε˙0
)m
for (Y > λ) (4.51)
As the out-of-plane compression test proceeds, σmax11 and pmax at the centre of
the specimen increase in magnitude. Indirect tension failure occurs when the
stress state in the of centre of specimen reaches the ply tensile failure criterion
in Eq. (4.17); for instance, σmax11 at failure is:
σmax11 =
2S+L − αpmax
2 + α
(4.52)
The maximum pressure pmax at indirect tension failure pf can be determined
by substituting σmax11 in Eq. (4.52) into Eq. (4.51):
pf =
(
2+α
2
)
σ0 (|ε˙tot33 | /ε˙0)m + (1 + µ)S+L
1− µ+ α (4.53)
Similarly, the maximum in-plane tensile stress σmax11 at indirect tension failure
σf11 is:
σf11 =
(
2+α
2
)
σ0 (|ε˙tot33 | /ε˙0)m + (2− 2µ+ α− αµ)S+L
(2 + α) (1− µ+ α) (4.54)
Note that within the shear lag zone λ, the local pressure p and ply tensile
stress σ11 are at a lower magnitude than pf and σ
f
11, respectively. The critical
shear lag length λc that is required for the pressure to build up to pf and thus
to cause indirect tension failure can be determined by substituting σf11 into
Eq. (4.49):
λc =
H (1− µ)
2µ
ln
1 + σf11(
1−µ
µ
)
σ0
2
( |ε˙tot33 |λc
2ε˙0h
)m
+ σ0
2
( |ε˙tot33 |
ε˙0
)m
 (4.55)
Finally, the total compressive load F of the specimen can be determined
by integrating the local pressure p across the entire specimen. The average
pressure at failure p¯f is defined to be p¯f ≡ F/L2. The calculation methods
of F and p¯f in the current model are identical to those in the elastic-plastic
analytical model, see Eq. (4.35) to Eq. (4.37) in Section 4.3.2.
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The current elastic-viscoplastic analytical model provides some insight into the
effect of applied strain rate ε˙tot33 and specimen side length L on p¯f . Eq. (4.53)
and Eq. (4.55) show that a higher out-of-plane strain rate ε˙tot33 would result in
an increase in pf and a decrease in λc. Thus, the average pressure at failure
p¯f would increase as compressive strain rate ε˙
tot
33 rises, for a given state of cure
and specimen side length L. Eq. (4.53) and Eq. (4.55) also demonstrate that
both pf and λc are independent of the specimen side length L. For a given
state of cure and applied strain rate ε˙tot33 , the maximum pressure pf and the
shear lag length λc would remain unchanged as the specimen side length L
increases. However, the proportion of the specimen that consists of the shear
lag zone (with length λc) would decrease, having the effect of increasing p¯f .
4.4 Accuracy of Predictions
4.4.1 Compressive Response
Figure 4.7 compares the compressive response (in terms of average pressure
p = F/L2 versus compressive strain −εzz) calculated from the FE simulations
to the measured experimental results. The stiffening response noted in the
experiments was not observed in the FE simulations. Since the FE simulations
are focused on deformation mechanics at the ply level, it stands to reason
that they would not capture the stiffening response that is caused by fibre
compaction at the sub-ply level (i.e. fibres come in contact with one another at
large compressive strains). Acknowledging this limitation, the FE simulations
perform well when predicting average pressure at failure p. For instance, at
−ε˙zz = 8 × 10−4s−1, small specimens (L ≤ 5 mm) of material (A) deformed
through shear yielding instead of failing by indirect tension. The FE simulation
showed a similar behaviour where the p reaches a plateau at −εzz = 0.4. At
L≥ 7 mm, both the experimental and FE results of material (A) show failure at
similar p¯f . For instance, p¯f = 150 MPa in the simulation and p¯f = 175 MPa in
the experiment. As the state of cure of the laminates increases, the stiffening
response becomes less pronounced and is no longer detectable for material
(E). As a result, in material (E), both the failure pressure and failure strain
calculated from the FE simulations are in agreement with the experimental
data (i.e. p¯f ∼ 1250 MPa and −εf ∼ 0.125, respectively).
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Figure 4.7: Plots of average pressure p¯ as functions of compressive strain −εzz of
a-b) uncured material (A), c-d) partially cured material (C), and e-f) autoclaved
material (E) at a strain rate of −ε˙zz = 8× 10−4s−1. Figures a, c, and e present
the experimental data; and b, d, and f show the FE predictions.
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4.4.2 Pressure Distribution during Out-of-plane
Compression
In the experiments, materials (A), (B), and (E) with L= 10 mm were subjected
to out-of-plane compression at a strain rate of −ε˙zz = 8 × 10−4s−1 at three
pressure levels: pmax = 100 MPa, 200 MPa, and 250 MPa. pmax is defined to
be the maximum pressure at the centre (x = y = 0) of the specimen on the
x -y plane. Figure 4.8 compares the pressure contours calculated from the FE
simulations to those measured from the experiments at pmax = 250 MPa. The
pressure profiles calculated from the FE simulations and those measured from
the experiments are in good agreement.
Figure 4.9 compares the calculated and the measured p along the centre line
(y = 0) of the specimens with pmax = 100 MPa, 200 MPa, and 250 MPa.
Both the FE simulations and the experiments showed that p is at a minimum
along the periphery of the specimens and builds up toward the centre of the
specimens, denoting the existence of shear lag zones. After the pressure builds
up and reaches the ends of the shear lag zones, pressure remains uniform at
pmax. The lengths of the shear lag zones λ calculated from the FE simulations
were also in agreement with the experimental data. Furthermore, the FE
simulations captured the decrease in shear lag length λ as state of matrix cure
increased from material (A) to material (E).
4.4.3 Compressive Strength versus Specimen Size
Figure 4.10 compares the predicted p¯f from FE simulation and from the
analytical models to the experimental results by plotting p¯f as functions of
specimen side length L at various compressive strain rates ε˙zz. The analytical
solutions are in good agreement with the FE predictions, and both are
consistent with the experimental data.
The predicted effect of specimen side length L on p¯f was similar to the effect
observed in the experiments. The strain rate dependency of p¯f in material
(A) was predicted using the elastic-viscoplastic FE models; they are in good
agreement with the experimental data in the studied range of applied strain
rates (−ε˙zz = 8×10−4s−1, 8×10−3s−1, and 8×10−2s−1). In the case of material
(B), the predicted strain rate dependency appears to have been overwhelmed
by scattering of the observed experimental data. In materials (C) to (E),
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Figure 4.8: Out-of-plane pressure distributions measured from pressure sensitive films (a,
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the elastic-plastic models are also in good agreement with the experimentally
measured p¯f . In addition, elastic FE predictions were presented in Figure 4.10e
and compared against material (E), which is the material that has the highest
measured p¯f . All the tested materials in the current study failed at a lower
p¯f than the elastic FE predictions, which establish the upper limit of the
out-of-plane compressive strength of the current CFRP system.
Finally, Figure 3.4f compares the measured and FE predicted p¯f (at test strain
rates from −ε˙zz = 8 × 10−4s−1 to 8 × 10−2s−1) versus the short beam shear
strength of each material (tested at γ˙ = 10−3s−1) for a constant specimen size
of L = 7 mm.
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4.5 Conclusions
Experiments in Chapter 3 have revealed that, under uniaxial out-of-plane
compression, CFRP cross-ply laminates generally fail by the indirect tension
mechanism (except for uncured prepregs with small specimen size tested at a
low applied strain rate, which deform by shear yielding). In this chapter, finite
element (FE) simulations and analytical models were developed to predict
the uniaxial out-of-plane compressive strength (expressed in terms of average
pressure at failure p¯f ) of CFRP cross-ply laminates.
The FE and analytical models in this study were adapted from the analysis
given by Attwood et al. (2014) for Dyneemar cross-ply laminates that failed
by indirect tension. Attwood et al. (2014) proposed that the composite plies
deform in an elastic-plastic manner with a set of pressure dependent yield
criteria. This study introduced modifications to account for the strain rate
sensitivity of the matrix in some of the laminates and the pressure dependency
of tensile failure strength in carbon fibre plies. Three types of constitutive laws
were used to describe laminates that deform in elastic, elastic-plastic, and
elastic-viscoplastic manners. The models revealed that out-of-plane pressure
increases from the periphery of the specimen toward the centre in a shear lag
manner and then remains at an elevated level in the centre (i.e. outside of
the shear lag zone). Furthermore, the models indicated that increasing matrix
shear strength raises the pressure required to cause indirect tension failure and
decreases the size of the shear lag zone at failure, which has the combined effect
of increasing the compressive strength (i.e. the average pressure at failure).
Compressive strength also rises with increasing specimen size, as this reduces
the proportion of the specimen that consists of the shear lag zone.
Overall, both the FE simulations and the analytical predictions were in good
agreement with the experimental data. This confirms that CFRP cross-ply
laminates under out-of-plane compression indeed fail by indirect tension.
O’Masta et al. (2015a) recently revealed that indirect tension is the cause of
impact damage of Dyneemar cross-ply laminates. A parallel study, presented
in Chapter 5, demonstrated that CFRP laminates with low matrix shear
strength also fail by indirect tension under ballistic loading. The analysis
in the current chapter laid the groundwork for future predictive methods on
the quasi-static and ballistic perforation of CFRP cross-ply laminates.
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Chapter 5
The Effect of Matrix Shear
Strength on the Perforation
Behaviour of CFRP Beams
under Quasi-static and Ballistic
Loading
Summary
The preceding chapter revealed that the indirect tension mechanism can arise
from quasi-static out-of-plane compression of carbon fibre/epoxy cross-ply
laminates. This chapter investigates the dynamic failure mechanism as well as
the role of matrix shear strength in the ballistic response of carbon fibre/epoxy
cross-ply composite beams. CFRP [0◦/90◦] cross-ply laminates with six
states of cure (matrix shear strength increasing from 0.1 MPa to 100 MPa)
were prepared from as-received uncured prepregs, partially cured laminates,
and autoclaved fully cured laminates. Composite beams with rectangular
dimensions were manufactured and subjected to three types of tests: (i)
a quasi-static indentation test with rigid back support, (ii) a quasi-static
cropping test with a clearance c between the edge support and a flat indenter,
and (iii) a ballistic impact test with a cuboid shaped projectile under a simply
supported boundary condition. The failure mechanism in quasi-static tests
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was found to be sensitive to the testing boundary condition but not to the
matrix shear strength. Optical images recorded during and after quasi-static
tests revealed that all composite beams failed by shear plugging (consisting of
transverse matrix cracks, ply delamination, and fibre fracture) in the cropping
tests, but failed by indirect tension (consisting of ply tensile failure in the fibre
direction) in the back-supported indentation tests. In contrast, the dynamic
failure mechanism was found to be sensitive to the matrix shear strength.
Post-impact optical images revealed that CFRP beams with a high matrix
shear strength (30 to 100 MPa) failed by a brittle shear plugging mode. As
the matrix shear strength was reduced from 100 MPa to 22 MPa, penetration
velocity improved two-fold. Once the matrix shear strength decreased below
22 MPa, the failure mode switched to indirect tension. For this failure regime,
penetration velocity remained elevated and was independent of the matrix
shear strength. Specimens with matrix shear strength of 22 MPa offer both
acceptable penetration resistance and structural performance.
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5.1 Introduction
Currently, carbon fibre reinforced plastic (CFRP) composites offer high
stiffness and strength but have inferior ballistic performance compared to
Dyneemar cross-ply laminates, which consist of matrix materials with low
shear strength. This chapter explores whether the ballistic resistance of CFRP
composites can be improved by altering the matrix shear strength.
Recent investigations have revealed that the high impact resistance of
Dyneemar cross-ply composites (with thickness of 2 - 4 mm) could be
attributed to a dynamic failure mechanism such as indirect tension (Attwood
et al., 2014; Karthikeyan et al., 2013b; O’Masta et al., 2015a). Attwood et al.
(2014) revealed that indirect tension failure can arise in Dyneemar cross-ply
composites through uniaxial out-of-plane compression under quasi-static
loading. Indirect tension is a result of anisotropic Poisson expansion in the
unidirectional plies of Dyneemar. When alternating 0◦ and 90◦ plies are
stacked together and subjected to out-of-plane compressive strain, the Poisson
expansion of each ply in the direction transverse to the fibre is higher than that
in the fibre direction. This expansion mismatch can in turn cause fibre tensile
straining and failure will occur if the fibre tensile strength is reached. O’Masta
et al. (2015a) revealed that the indirect tension mechanism is indeed present
in the dynamic failure of Dyneemar cross-ply laminates. When Dyneemar
cross-ply laminates are subjected to ballistic impact, a compressive stress can
be generated underneath the projectile and can cause indirect tensile failure.
In contrast to Dyneemar cross-ply laminates, under ballistic loading,
conventional CFRP composites with high matrix shear strength generally
do not fail by indirect tension. When laminate thickness is above 2 mm,
CFRP usually fails through a brittle shear plugging mechanism under ballistic
impact tests. Cantwell and Morton (1989a,b, 1990) first identified this shear
plugging mechanism through drop weight experiments on CFRP layers. These
researchers revealed that when CFRP laminates are subjected to impact
loading, a plug is formed underneath the projectile consisting of transverse
matrix cracks, ply delamination, and fibre fracture. In this type of failure
mechanism, the shear properties of the matrix as well as the fibre can play
an important role in impact resistance. The difference in dynamic failure
mechanism between CFRP and Dyneemar could be attributed to the choice
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of matrix material. Whereas Dyneemar composites use a thermoplastic matrix
with shear strength in the order of 1 - 10 MPa (Peijs et al., 1990a; Russell et al.,
2013), commercially available CFRP consists of thermoset epoxy with shear
strength in the order of 50 - 100 MPa (Berg et al., 1972; Chamis and Sinclair,
1977; Walrath and Adams, 1983).
Recent studies by de Ruijter et al. (2010); Karthikeyan et al. (2013b) have
further demonstrated the significance of matrix properties to the failure
mechanism of composite laminates and suggest the potential to improve
impact resistance by modifying the composite’s matrix properties. de Ruijter
et al. (2010) demonstrated that there exists a regime of matrix modulus
(0.01 - 1 GPa) in woven Twaronr aramid-based fibre composite where the
impact resistance of the laminate is optimised. They proposed that the
observed improvement is related to the change in friction coefficient between
tows of fibre. Karthikeyan et al. (2013b) demonstrated that a reduction in
matrix shear strength can improve the ballistic resistance of both Dyneemar
and CFRP cross-ply plates. In particular, they tested CFRP cross-ply plates
of as-received prepregs and autoclaved fully cured laminates. They observed a
shear plugging mechanism in the autoclaved materials, but found progressive
perforation (i.e. number of failed plies increases with impact velocity) in the
prepregs; they noted that this failure mode involves tensile failure of the fibres,
but they did not identify the mechanism to be one of indirect tension.
The above studies indicate that there remain several uncertainties in ballistic
research and suggest the following questions: (i) Is the indirect tension
mechanism responsible for the superior ballistic performance of Dyneemar
composites compared to CFRP composites? (ii) What is the role of matrix
shear strength in the dynamic failure mechanism and its effect on the
impact resistance of fibre composites? (iii) Is it possible to suppress the
commonly observed shear plugging mechanism or to activate the indirect
tension mechanism in CFRP composites and thus enhance their impact
resistance?
The objective of the current study is to provide a comprehensive experimental
investigation to understand: (i) the effect of matrix cure on the failure
mechanism and ballistic resistance of CFRP composites, (ii) the difference in
quasi-static and dynamic response of CFRP composites, and (iii) the potential
to improve the ballistic resistance of CFRP composites by suppressing the
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commonly observed brittle shear plugging mechanism. To achieve these goals,
the current study tests CFRP cross-ply composite beams at different states
of cure achieved through partial curing and an autoclave process. Composite
beams with rectangular dimensions were manufactured and then subjected to
three types of tests: (i) a quasi-static indentation test with rigid back support,
(ii) a quasi-static cropping test with a clearance c between the edge support and
a flat indenter, and a (iii) ballistic impact test with a cuboid shaped projectile
under a simply supported boundary condition. The use of composite beams
rather than plates in each of the above tests allows for ease in identifying the
potential failure mechanism.
5.2 Specimen Manufacture
Cross-ply laminates [0◦/90◦]16 were constructed from Hexplyr
8552/35%134/IM7 carbon fibre/epoxy prepregs (with a ply thickness of
0.131 mm). Six states of cure were produced, with the following labelling
procedure employed throughout this study: (A) uncured, (B) partially cured
at 100◦C for 2 hours, (C) partially cured at 120◦C for 2 hours, (D) partially
cured at 120◦C for 2 hours and 15 mins, (E) partially cured at 180◦C for
24 hours, and (F) autoclaved fully cured specimens. The uncured laminates
were first laid-up by hand. They were then cut using a band saw into
rectangular beam dimensions with height of H = 4 mm (32 plies), breadth of
B = 11 mm, length of L = 300 mm, and areal density of ρA = 6.28 kg/m
2.
These uncured composite beams are referred to as material (A). Partially
cured composites of types (B) to (E) were then prepared by placing the
uncured beams in an air-oven using the above-mentioned cure cycles and were
compressed in-situ at 0.1 MPa in the out-of-plane direction by spring-loaded
platens (see detailed drawing in Appendix A). The fully cured specimens (F)
were autoclaved following a procedure recommended by (Hexcel Composites,
2013). The matrix shear strength of the laminates was then measured through
a short beam shear test at a quasi-static loading rate (for further detail, refer
to Appendix B). Table 5.1 summarises the curing process and the matrix
shear strength of laminates type (A) to (F). With the exception of the fully
cured material (F), all laminates were stored at −15◦C to avoid further curing
and brought back to room temperature for 5 hours prior to testing.
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Table 5.1: Curing process and matrix shear strength of CFRP beams.
Material Curing
method
Curing
temperature
Curing
duration
Applied
pressure
Short beam
shear
strength
τ (MPa)
A uncured room
temperature
– – 0.11 a
B oven cured 100◦C 2 hours out-of-plane
0.1 MPa
0.82 a
C oven cured 120◦C 2 hours out-of-plane
0.1 MPa
22 ± 1.9
D oven cured 120◦C 2 hours
and
15 mins
out-of-plane
0.1 MPa
30. ± 1.3
E oven cured 180◦C 24 hours out-of-plane
0.1 MPa
61 ± 3.7
F autoclaved 180◦C 2 hours hydrostatic
0.7 MPa
99 ± 6.9
a Materials (A) and (B) are strain rate sensitive and their short beam shear
test showed no shear failure. Therefore, the above short beam shear strengths
τ represent the flow stresses at shear strain of 5% τ(γ = 5%) and at a shear
strain rate of γ˙ = 10−3s−1.
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5.3 Test Methods
5.3.1 Quasi-static Indentation Test
CFRP composite beams with rectangular dimensions of height H = 4 mm
(32 plies), breadth B = 11 mm, and length L = 75 mm were sectioned from
cross-ply laminates [0◦/90◦]16 (32 plies) with six states of cure. Specimens
were subjected to an out-of-plane indentation test by placing them between
a flat back support and a hardened steel indenter with a square bottom of
l1 = l2 = 12.5 mm in the x-y plane, as illustrated in Figure 5.1a. A radius
R = 0.3 mm was introduced to the indenter edges to reduce the stress
concentration. Both the back support and the indenter were made from
hardened silver steel (700 Vickers) and were lubricated with a low viscosity
mineral oil. Materials (A) and (B) were tested using a screw-driven test
machine with a 150 kN load cell, whereas materials (D) to (F) were tested
using a servo hydraulic test machine with a 1 MN load cell. For consistency,
all specimens were tested with the fibres of the top ply lying parallel to the
x-direction in the figure. The indenter was then pressed into the middle
of the specimens in the z-direction. Indentation tests were performed at a
constant displacement rate of u˙z = 4× 10−3 mm/s. The compressive load F
was recorded by the machine load cell and the displacement between the steel
plate and the indenter uz was measured using a laser extensometer. During the
indentation test, high-speed images were recorded from the side-view of the
specimens using a Phantomr V1610 camera with an inter-frame time of 100
µs and an exposure time of 90 µs in order to identify the failure mechanism.
5.3.2 Quasi-static Cropping test
CFRP composite beams with same rectangular dimensions as mentioned above
(i.e. H = 4 mm, B = 11 mm, and L = 75 mm) were examined through a
cropping test at a quasi-static loading rate using a screw-driven test machine
with a 150 kN load cell. Specimens were placed between a hardened steel
indenter (with a square bottom of l1 = l2 = 12.5 mm in the x-y plane) and
two back supports with 18.5 mm spacing, creating a clearance c = 3 mm
(with c/H = 0.75) between the steel supports and the indenter (see Figure
5.1b). A radius R = 0.3 mm was introduced to the edges of the indenter
and the steel support to reduce the stress concentration. Both the supports
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and the indenter were made from hardened silver steel (700 Vickers) and
were lubricated with a low viscosity mineral oil. Specimens were placed so
that the fibres in the top ply were parallel to the x-direction in the figure
and the indenter was then pressed into the middle of the specimens in the
z-direction. The average shear strain of the specimen γ¯ within the clearance
c between the indenter and the back support was calculated based on the
indenter displacement uz: γ¯ = uz/c. The cropping test was performed at an
out-of-plane displacement rate of u˙z = 3 × 10−3 mm/s (associated with an
average shear strain rate of 10−3s−1). The compressive load F was recorded
by the machine load cell and the displacement uz between the steel plate and
the indenter was measured using a laser extensometer. Side view optical images
of the specimen were recorded during the cropping test using a PixeLINKr
camera. For maximum resolution, only a 9Ö9 mm window of one side of the
punched regions was filmed. The preliminary tests revealed that there exists
a peak load accompanying damage initiation at a shear strain shortly below
γ¯ = 10%. Thus, additional interrupted tests were performed on specimens at
each state of cure: the specimens were loaded to shear strain levels of γ¯ = 10%
and γ¯ = 40%, followed by unloading and optical examination.
5.3.3 Ballistic Impact Test
Initially, the experiment was designed such that CFRP plates were impacted
by spherical steel projectiles under an edge-clamped boundary condition. The
preliminary results are summarised in Appendix D. However, there were
difficulties in identifying the failure mechanism through these tests. An
improved ballistic test was designed, involving CFRP beams and cuboid
shaped projectiles. The beam configuration allowed direct observation of the
damaged areas and the cuboid shape assisted in identifying the location of the
damage in relation to point of contact.
In the ballistic test, CFRP composite beams with rectangular dimensions of
height H = 4 mm (32 plies), breadth B = 11 mm, and length L = 300 mm
were subjected to ballistic impact by a cuboid shaped projectile under a
simply supported boundary condition. In the ballistic tests, composite beams
were adhered to a rigid steel foundation using double-sided adhesive tape so
that they had a span length Ls of 250 mm (as illustrated in Figure 5.1c).
Specimens were placed with the fibres of the top ply lying parallel to the
x-direction in the figure. The centre of the specimens was then impacted
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in the out-of-plane direction using a hardened steel cuboid shaped projectile
with a square cross-section of l1 = l2 = 12.5 mm in the x-y plane, a length
l3 = 9 mm in the z-direction, and a mass of mp = 1.1 × 10−2 kg. A radius
R = 0.3 mm was introduced to the projectile edges to reduce the stress
concentration. Projectiles were launched using a gas gun (utilising helium
or nitrogen compressed gas) with an aluminium alloy barrel 4.5 m in length
and with an inner cross-section of 13 mm × 13 mm (the same apparatus was
described by Attwood et al. (2016)). The gas gun was capable of producing
impact velocities of v0 = 25 m/s to v0 = 550 m/s. The impact velocity v0
was measured using a set of laser gates placed near the gun barrel’s exit.
During the ballistic test, high-speed images were recorded from the side-view
of the specimens using a Phantomr V1610 camera with an inter-frame time of
7.7 µs and an exposure time of 0.43 µs. Tested specimens were then examined
through optical inspection to determine the level of damage (i.e. number of
failed plies) and to identify the failure mechanisms.
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Figure 5.1: Schematic illustrations of the set-up used in the a) quasi-static indentation test,
b) quasi-static cropping test, and c) ballistic test. All dimensions are in mm.
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5.4 Results
5.4.1 Quasi-static Indentation Test
Quasi-static indentation tests were performed on CFRP composite beam types
(A) to (F) and with matrix shear strength ranging from τ = 0.1 to 100 MPa.
Initial experiments showed that indented specimens failed in a catastrophic
manner accompanied by acoustic emissions, similar to the indirect tensile
failure observed in the uniaxial out-of-plane compression of these materials
(presented in Chapter 3). Indirect tension is a failure mechanism that arises
as a result of out-of-plane compressive pressure. Therefore, the indentation
responses in this study are presented in terms of the average indentation
pressure under the indenter p¯ and the average out-of-plane compressive strain
ε¯ in the material directly beneath the projectile:
p¯ =
F
Bl1
(5.1)
ε¯ =
uz
H
(5.2)
Figure 5.2 shows the quasi-static indentation responses of materials (A) to (F)
in terms of p¯ versus ε¯. The two observations noted below reveal the similarity
of failure mechanism under quasi-static indentation and uniaxial out-of-plane
compression.
(i) All specimens showed catastrophic failure at a critical average pressure of p¯c
at ε¯ ∼ 15 - 20%. The critical average pressure p¯c was comparable to the data
obtained from the uniaxial out-of-plane compression test. Table 5.2 compares
the failure pressure of each material obtained from the current indentation
test to the average failure pressure p¯f in uniaxial out-of-plane compression
test, previously obtained and presented in Chapter 3. In general, the failure
pressures are all in the order of 1 GPa and the ratio of p¯c/p¯f is ∼ 1. Such
similarity in values implies that the indirect tension mechanism was responsible
for the failure of the composite beams in the indentation experiment.
(ii) Furthermore, the average pressure at failure p¯c increased with the state
of matrix cure for all specimens. Material (A) showed indentation failure at
p¯c = 761 MPa, with p¯c increasing progressively along with the matrix shear
strength of the material, and reaching p¯c = 1252 MPa in material (F). The
effect of matrix shear strength on the indirect tension failure strength had also
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Figure 5.2: Static indentation responses of composite beams in terms of p¯ versus ε¯.
been observed in the uniaxial compression test of cross-ply laminates described
in Chapter 3.
Figure 5.3 shows high-speed image sequences during the indentation test for
the moments before and after the onset of failure (where t = 0 corresponding to
the instant of failure). The results for materials (A) and (F) were selected to be
shown here, as these represent the two extremes of matrix shear strength. The
images demonstrate that the materials failed by a catastrophic explosion where
ply tensile failure initiated directly underneath the indenter. Furthermore, the
similarity of this indentation pressure measurement to that obtained from the
out-of-plane compression test leads us to conclude that the composite beams
failed by an indirect tension mechanism in the current indentation test.
5.4.2 Quasi-static Cropping Test
Figure 5.4 summarises the response of composite beams under the quasi-static
cropping test in terms of the average shear stress τ¯ and average shear strain
γ¯ within the clearance c between the edge support and a flat punch. τ¯ and γ¯
are defined as:
τ¯ =
F
2BH
(5.3)
γ¯ =
uz
c
(5.4)
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Table 5.2: Comparison between failure pressures obtained from the indentation test versus
those obtained from the out-of-plane compression test.
Material Out-of-plane
compression
average
failure
pressure
p¯f (MPa)
a
Indentation
average
failure
pressure
p¯c (MPa)
Indentation
apparent
modulus
at ε¯ = 5%
(GPa)
Indentation
apparent
modulus
at ε¯ = 10%
(GPa)
Ratio
between
the two
tests
p¯c/p¯f
A 350 761 1.2 4.1 2.2
B 865 781 2.4 4.5 0.9
C 1243 812 4.5 5.6 0.7
D 1231 922 5.2 6.3 0.8
E 1215 1163 5.9 7.3 1.0
F 1350 1252 6.4 7.9 0.9
aout-of-plane compression test results were obtained from tests with specimen
side length of L×L (with L = 10 mm) at a strain rate of −ε˙zz = 8× 10−4s−1.
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Figure 5.3: High-speed images of the failure in the quasi-static indentation test of a) material
(A) and b) material (F). t = 0 corresponding to the instant of failure.
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Figure 5.4: Quasi-static cropping test responses of a) materials (A) to (B) and b) materials
(C) to (F) in terms of τ¯ versus γ¯.
Recall that B = 11 mm, H = 4 mm, and c = 3 mm. Two types of response
were observed. Materials (A) and (B) showed a ductile shear response without
failure; the shear stress increased continuously throughout the test. Materials
(C) to (F) showed initial peak stress τ¯c at γ¯ ∼ 10% followed by a hardening
response up to γ¯ ∼ 20%, and a sequence of loading drops at γ¯ ∼ 30 - 40%.
Additional interrupted tests were performed on the selected materials (A), (C),
and (F) through the process of loading the specimens to γ¯ = 10% and 40%,
followed by unloading. During the interrupted tests, optical images of the
specimens were recorded and are presented in Figure 5.5. Generally speaking,
all specimens showed shear deformation in the cropping test. For material
(A), shear deformation was observed within the region inside the clearance c
between the edge support and the indenter at γ¯ = 10%, and interfacial shear
and delamination were observed at γ¯ = 40%. For materials (C) and (F),
damage was initiated underneath the edge of the indenter at γ¯ = 10%, and
shear cracks across the height of the specimen were observed at γ¯ = 40%.
Close up microscopy revealed that the damage in materials (C) and (F) was
caused by fibre fracture in the top ply and the formation of transverse matrix
cracks and ply delamination in the lower plies, see Figure 5.5d.
Table 5.3 summarises the measured shear strengths from the cropping test
τ¯c and compares them against the matrix shear strength of the laminates
measured from the short beam shear test τ (refer to Appendix B for the shear
119
Figure 5.5: Optical images recorded during the interrupted cropping tests of a) material
(A), b) material (C), and c) material (F) at γ = 10% and 40% (only a 9× 9 mm
window of one side of the punched region was recorded). d) For materials (C)
and (F), close up optical microscopy of the damaged areas is provided, labelled
as (i) and (ii).
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Table 5.3: Comparison between peak shear strengths obtained from the quasi-static
indentation test versus those obtained from the short beam shear test.
Material Short beam
shear
strength
τ (MPa)
Cropping test
average shear
strength
τ¯c (MPa)
Ratio between
the two tests
τ¯c/τ
A 0.11 a 0.05 b 0.45
B 0.82 a 0.4 b 0.49
C 22 ± 1.9 11 0.5
D 30. ± 1.3 32 1.1
E 61 ± 3.7 38 0.62
F 99 ± 6.9 67 0.67
a Materials (A) and (B) showed no failure in the short beam shear test.
Therefore, the above short beam shear strengths τ represent the flow stresses
at shear strain of 5% τ(γ = 5%) and at a shear strain rate of γ˙ = 10−3s−1.
b Materials (A) and (B) showed no failure in the cropping test. Therefore, the
above shear strengths are the average shear stress τ¯c at an average shear strain
of 5% τ¯c(γ¯ = 5%) and at an average shear strain rate of 10
−3s−1.
test specifications). The average shear strengths in the cropping test τ¯c are
comparable to those obtained from the short beam shear test (the lower values
of τ¯c could be attributed to the stress concentration caused by the indenter).
5.4.3 Ballistic Test
Ballistic tests were performed on the composite beams under a simply
supported boundary condition and at impact velocities v0 ranging from 45 m/s
to 355 m/s. The fraction of cut plies f as a function of the projectile velocity
v0 is plotted in Figure 5.6. f is defined to be the ratio of the number of plies
that show fibre failure to the total number of plies in the specimens (32 plies).
Two critical velocities can be defined: vinit is the velocity at initiation of failure
(i.e. f ≥ 0), and vp is the penetration velocity (i.e. f = 1). vinit is defined as
the average between the lowest velocity resulting in damage to the target and
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Figure 5.6: The ballistic cut fraction f in materials (A) to (F) are plotted as functions of
the impact velocity v0. Lines are drawn to help reveal trends.
the highest velocity that did not lead to damage of the target. vp is defined
as the average between the lowest velocity resulting in full penetration of the
target and the highest velocity resulting in partial penetration of the target.
The vinit of materials (A), (C), and (F) and the vp of materials (A) to (F) are
summarised in Table 5.4.
In general, both vinit and vp increase as the state of matrix cure declines from
material (F) to material (A). The effect of matrix shear strength on ballistic
resistance becomes apparent in Figure 5.7, where vinit and vp are plotted
against the laminates’ matrix shear strength τ in semi-log scale. There exist
two regimes of ballistic behaviour, with a transition point at τ = 22 MPa that
corresponds to material (C). At the region where τ > 22 MPa, specimens
show lower ballistic resistance. For instance, the fully cured material (F)
shows the weakest resistance against the projectile: vinit = 64 ± 9 m/s and
vp = 148 ± 4 m/s. Both vinit and vp improve as matrix shear strength
decreases up to τ = 22 MPa and then remain constant. For example, the
uncured material (A) shows a significantly higher ballistic resistance with
vinit = 142 ± 16 m/s and vp = 323 ± 6 m/s. This sudden change in the
relationship between τ and vp indicates a switch in failure mode at 22 MPa.
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Table 5.4: Summary of the failure initiation velocity vinit and penetration velocity vp of
materials (A) to (F) in the ballistic test.
Material Failure
initiation
velocity vinit
(m/s)
Penetration
velocity vp
(m/s) vinit/vp
A 141 ± 17 323 ± 6 0.44 ± 0.12
B < 321 338 ± 12 –
C 143 ± 16 309 ± 8 0.46 ± 0.12
D < 125 263 ± 15 –
E < 124 181 ± 6 –
F 64 ± 8 148 ± 4 0.43 ± 0.13
v
0
 
(m/s)
τ (MPa)
 
material
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Figure 5.7: Failure initiation velocity vinit and penetration velocity vp are plotted as
functions of matrix shear strength τ . Lines are drawn to help reveal trends.
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Figure 5.8c displays the post-test evidence that materials (A) and (C) failed
by an indirect tension mode, materials (D) and (F) failed by a shear plugging
mode. The top views of materials (A) and (C) reveal that fibre tensile
failure occurred at multiple locations underneath the projectile (labelled (i)
in Figure 5.8a) and was accompanied by two tensile cracks forming at the edge
of contact, indicating that materials (A) to (C) failed by indirect tension (recall
that a similar failure mechanism was observed in the out-of-plane compression
experiment of CFRP cross-ply laminates reported Chapter 3). Furthermore,
the profile view of material (A) shows Poisson expansion of the 90◦ plies
extruded out from the edge of the specimen in the area beneath the projectile
(labelled (ii) in Figure 5.8a). This reveals the existence of an out-of-plane
compressive stress, which provides further evidence of indirect tension. For
materials (D) to (F), fibre failure was not observed in the area underneath the
projectile. Instead, the failure of these specimens was caused by transverse
matrix cracks, ply delamination, and fibre fracture beneath the edge of contact
(designated as location (iii) in Figure 5.8b). This mechanism is commonly
observed in carbon/epoxy composites and is referred to as shear plugging.
Figure 5.9 shows a sequence of high-speed images in profile view of the
composite beams impacted at velocities just above their failure initiation
velocity vinit: v0 = 158 m/s for materials (A) and (C), and v0 = 73 m/s for
material (F). Materials (A) and (C) failed by an indirect tension mechanism
that is facilitated by ply tensile failure. In contrast, material (F) failed by
a shear plugging mode where failure was localised underneath the edge of
contact. Note that partially cured materials (D) and (E) generated large
amounts of dust and debris immediately following impact due to the failure
of the matrix materials. Although the high-speed images for these materials
were not informative, post-test optical inspection revealed that they failed by
a shear plugging mode. Furthermore, the high-speed images revealed the time
at which fibre failure was first observed tf (referred to here as failure time):
tf = 10.4 µs in material (A), tf = 11.6 µs in material (C), and tf = 53.8 µs in
material (F).
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Figure 5.8: Schematic illustrations of the a) indirect tension and b) shear plugging
mechanisms. c) The optical images showing the ballistic failure mechanism in
materials (A), (C), (D), and (F).
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Figure 5.9: High-speed image sequences of a) material (A) b) material (C), and c) material
(F) recorded during the ballistic test. Materials (A) and (C) failed by an indirect
tension mechanism, whereas material (F) failed by a shear plugging mode. t =
0 corresponding to the instant of impact. tf is defined to be the time when fibre
failure is first observed.
126
5.5 Discussion
5.5.1 Failure Mechanisms in the Quasi-static
Indentation and Cropping Tests
In the current study, shear plugging and indirect tension are the two competing
mechanisms in the composite cross-ply beams. When a composite beam
is supported on a rigid foundation in the indentation test, the out-of-plane
shear deformation of the composite beam is prohibited and the shear plugging
mechanism is thus suppressed. The materials that are sandwiched between the
indenter and the back support are subjected to out-of-plane compression (see
illustration in Figure 5.10a). As a result, the specimens failed by indirect
tension at an average indentation pressure p¯c ranging from 761 MPa to
1252 MPa (summarised in Table 5.2). It is worth noting that Attwood et al.
(2016) have also conducted a similar back-supported indentation test with a
flat indenter on Dyneemarcross-ply beams (with thickness H = 12.4 mm).
Their results were in agreement with the overall failure mechanism observed
in the current study, with one exception. Attwood et al. (2016) observed a
‘saw-tooth’ shaped pressure-displacement response. In contrast, the composite
beams tested in the current study exhibited catastrophic failure where the
fragments of the materials exploded away from the testing apparatus. This
type of failure can be attributed to the lower thickness of the tested specimens
(thickness H = 4 mm).
Conversely, when a composite beam is subjected to a cropping test, the opening
of the back support permits out-of-plane shear deformation of the composite
beams within clearance between the edge support and the flat indenter (see
illustration in Figure 5.10b).
In the cropping test, the load required to cause shear failure FSP can be
estimated by:
FSP = 2τHB (5.5)
However, if the contact pressure underneath the indenter reaches the
out-of-plane compressive strength of the material, the laminate would fail by
indirect tension. In the cropping test, the load required to cause indirect
tension failure FIT can be estimated by:
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Figure 5.10: Schematic illustrations of the failure mechanism of a composite beam when
subjected to a) the indentation test and b) the cropping test.
FIT = p¯cl1B (5.6)
The failure mechanism is determined by the ratio FSP/FIT :
FSP
FIT
=
2τH
p¯cl1
(5.7)
The shear plugging mechanism occurs when FSP/FIT < 1 and the indirect
tension mechanism occurs when FSP/FIT > 1. Thus, failure mechanism is
sensitive to the material properties (i.e. τ/p¯c) and the specimen geometry
(i.e. 2H/l1). In the current study, l1 = 12.5 mm, H = 4 mm, τ ranges from
0.11 MPa in material (A) to 99 MPa in material (F), and p¯c ranges from
761 MPa in material (A) to 1252 MPa in material (F). Thus, the calculated
ratio FSP/FIT ranges from 10
−4 in material (A) to 0.06 in material (F). Both
of these values are below 1, which explains the current study’s findings that
all specimens failed by shear plugging in the cropping test. However, if 2H/l1
were to increase from the current value of 0.73 to 20, the ratio FSP/FIT would
then increase to range from 3×10−3 in material (A) to 1.6 in material (F). This
suggests that the failure mechanism can potentially change from shear plugging
to indirect tension as the state of matrix cure increases from material (A) to
material (F).
5.5.2 Failure Mechanisms in the Ballistic Test
Materials (D) to (F) have a high matrix shear strength (30 to 100 MPa) and
failed by a brittle shear plugging mode in the ballistic test. As the matrix
128
shear strength was reduced from 100 MPa to 22 MPa, both the initiation
velocity vinit and the penetration velocity vp improved two-fold. For matrix
shear strength below 22 MPa, materials (A) to (C) failed by an indirect tension
mechanism. In this failure regime, penetration velocity remained elevated and
was independent of the matrix shear strength. The underlying reason for
the change in failure mechanism as matrix shear strength decreases remains
unclear. Furthermore, it is worth noting that the above trend for materials
failing by the shear plugging mechanism is surprising. Whereas the ballistic
test for these materials showed that penetration velocity increased as matrix
shear strength decreased, the opposite trend was observed in the quasi-static
cropping test (i.e. the indentation load required to cause shear plug formation
increased proportionally to the matrix shear strength).
The effect of matrix properties on ballistic performance has also been observed
by de Ruijter et al. (2010) through the ballistic testing of aramid composites
with different grades of semi-flexible thermotropic liquid crystalline polyesters
and poly(ester-amide)s matrices. They observed that the penetration velocity
of these aramid laminates was independent of the matrix modulus within the
range of 0.01 GPa to 1 GPa, whereas the penetration velocity decreased along
with the matrix modulus in the range of 1 GPa to 10 GPa. They proposed
that, at the high modulus level (i.e. 1 GPa to 10 GPa), the increase in friction
among the fibres may result in a reduction in fibre mobility which can give rise
to premature fibre breakage. Their results are in agreement with the findings
of the current study.
5.5.3 Estimation of Penetration Velocity
The penetration velocity of composite beams can be estimated according to
their particular failure mechanism. In the case of indirect tension, as observed
in materials (A) to (C), failure can occur if the contact pressure underneath
the projectile reaches the out-of-plane compressive strength of the material.
The energy required to cause indirect tension failure EIT can be estimated as:
EIT =
Hˆ
0
p¯cl1BdH = p¯cl1BH (5.8)
where p¯c is the failure pressure measured from the quasi-static indentation test.
The penetration velocity of the indirect tensile failure mechanism vIT can be
estimated by equating EIT with the kinetic energy of the projectile:
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vIT =
√
2l1Bp¯cH
mp
(5.9)
where mp is the mass of the projectile (1.1× 10−2 kg).
In the case of shear plugging, as observed in materials (D) to (F), failure can
occur if the shear stress underneath edge of contact reaches the shear strength
of the laminate. The energy required to cause shear plugging ESP can be
estimated as:
ESP =
Hˆ
0
2τ¯cBHdH = τ¯cBH
2 (5.10)
where τ¯c is the shear strength measured from the quasi-static cropping test.
The penetration velocity that causes shear plugging vSP can be estimated by
equating ESP with the kinetic energy of the projectile:
vSP =
√
2τ¯cBH2
mp
(5.11)
Figure 5.11a plots the measured penetration velocity vp of materials (A) to
(C) as well as the estimated vIT in Eq. (5.9) as functions of p¯c. The predicted
vIT is in agreement with the data for materials (A) to (C), confirming that
these materials indeed fail by the indirect tension mechanism. Figure 5.11b
plots the measured penetration velocity vp of materials (D) to (F) as well
as the estimated vSP in Eq. (5.11) as functions of τ¯c. The predicted vSP
underestimated the penetration velocity vp of materials (D) to (F). Part of this
discrepancy could be attributed to the strain rate effect of the matrix shear
strength. Hopkinson bar experiments on CFRP composites from the available
literature have shown that matrix shear strength has a strain rate dependency
and typically rises 50% to 100% as the strain rate increases from 10−3s−1 to
103s−1 (Gerlach et al., 2013; Guedes et al., 2005; Hosur et al., 2001; Hsiao et al.,
1999; Koerber et al., 2010; Tsai, 2005). However, this rate dependency is not
sufficient to account for the discrepancy between the predicted vSP and the
measured vp for materials (D) to (F). Furthermore, the above prediction of vSP
suggests that the penetration velocity is proportional to the
√
τ¯c. An opposite
trend was observed for the vp measured in the ballistic test of materials (D)
to (F).
130
0      0.3     0.6     0.9     1.2    1.5
(GPa)
0
100
200
300
400
ḏ
c
v
IT
(m/s)
(A)
(B)
(C)
0       20      40      60      80   100
(MPa)
0
100
200
300
400
v
SP
(m/s)
(D)
(E)
(F)
Indirect tension 
τ
c
material
Shear plugging
(a) (b)
v
p
v
p
τ
c
ḏ
c
v
p
v
p
material
Figure 5.11: Plots of a) the predicted penetration velocity caused by indirect tension failure
vIT as a function of p¯c and b) the predicted penetration velocity caused by
shear plugging vSP as a function of τ¯c. Data for materials (A) and (F) were
also presented in the figures.
Although the current analysis did not accurately predict the performance of
materials that fail by shear plugging, it is clear that the change in perforation
mechanism from a brittle shear plugging mode to indirect tension increases
the penetration velocity vp.
5.5.4 The Effect of Perforation Mechanism on the
Failure Time
The above analysis demonstrated that the indirect tension failure observed
in materials (A) to (C) is generated by the contact pressure p between
the projectile and the composite laminate. O’Masta et al. (2015a) recently
observed that Dyneemar cross-ply laminates also fail by the same indirect
tension mechanism in an edge-clamped ballistic experiment. They proposed
that the indirect tension mechanism of Dyneemar cross-ply laminates can be
generated by the compressive pressure due to impact. They stated that, at the
onset of impact, a compressive stress wave would travel through the thickness
of the laminate from the projectile to the distal face at a speed of approximately
cT ∼
√
ET/ρ, where ET is the through-thickness tangent modulus and ρ is the
density, with a peak pressure p scaling as ρcTv0. When the wave front reaches
the free boundary at the back face (at t = H/cT where H is the thickness of
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the laminate), a zero-stress wave would then reflect back toward the projectile.
The contact pressure at the top face is partially relieved when this wave arrives
to the top (at t = 2H/cT ).
Recall that high-speed images revealed that laminates failing by indirect
tension, such as materials (A) and (C), have lower failure times tf (∼ 10 µs)
than material (F) (∼ 54 µs), which failed by shear plugging, see Figure 5.9.
tf is defined to be the time when fibre fracture was first observed at an
impact velocity just above vinit. Figure 5.12 presents these data by plotting a
dimensionless parameter n = tfcT/H as a function of the matrix shear strength
τ of the laminates. n represents the number of transverse wave reflections
before first failure occurs. In the figure, the transverse wave speeds c
(i)
T and
c
(ii)
T were calculated based on the through-thickness tangent modulus of the
composite beams measured from the quasi-static indentation tests at ε¯ = 5%
and 10%, respectively (see Table 5.2). Figure 5.12 shows that laminates which
failed by indirect tension, such as materials (A) and (C), have lower failure
times tf and the number of wave reflections before failure n can be as low as
2 to 5, in agreement with the premise from O’Masta et al. (2015a). In contrast,
material (F), which failed by shear plugging, has a high failure time tf and the
number of wave reflections before failure n can be as high as 25 to 30.
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5.6 Conclusions
The penetration resistance and failure mechanisms of [0◦/90◦]16 CFRP
composite beams with six different states of matrix cure (matrix shear strength
τ ranging from 0.1 MPa to 100 MPa) were measured and compared through
(i) a quasi-static indentation test with rigid back support, (ii) a quasi-static
cropping test with a clearance c between the edge support and a flat indenter,
and (iii) a ballistic impact test using a cuboid shaped projectile under a simply
supported boundary condition.
Composite beams that were tested in quasi-static indentation with rigid back
supports all exhibited an indirect tension failure mode that consisted of ply
Poisson expansion in the direction transverse to the fibre and ply tensile
failure in the fibre direction. Composite beams that were investigated in
quasi-static cropping tests all showed a shear plugging mode that consisted
of transverse matrix cracks, ply delamination, and fibre fracture beneath the
edge of contact. In the ballistic impact tests, CFRP beams with a high matrix
shear strength (30 to 100 MPa) failed by a brittle shear plugging mode. As
the matrix shear strength was reduced from 100 MPa to 22 MPa, penetration
velocity improved two-fold. Once the matrix shear strength decreased below
22 MPa, the failure mode switched to indirect tension. For this failure regime,
penetration velocity remained elevated and was independent of the matrix
shear strength. Specimens with matrix shear strength of 22 MPa offer both
acceptable penetration resistance and structural performance.
The above findings suggest a solution to the shortcomings of CFRP laminates
currently in use. At present, CFRP offers superior structural properties
under quasi-static loading conditions but provides weaker impact resistance
in dynamic environments compared to composites manufactured from flexible
fibres such as Dyneemar and Kevlarr. The author attributes this weakness to
a brittle shear plugging failure mode and demonstrate that impact resistance
can be improved through the reduction of matrix cure. This creates the
possibility of designing composite structural armour from CFRP laminates
that can offer high impact resistance joined with strong structural performance.
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Chapter 6
Perforation of Bilayer CFRP
Beams under Quasi-static and
Ballistic Loading
Summary
This chapter explores the possibility of improving the impact resistance of
cured CFRP layers with high matrix shear strength by protecting them with
uncured cross-ply laminates. Particular attention is paid to suppressing the
commonly observed brittle shear plugging mechanism when cured CFRP layers
are subjected to ballistic impact, as well as the comparison between quasi-static
and ballistic failure mechanisms in the protected CFRP layer. CFRP cross-ply
laminates were prepared under two states of cure: as-received uncured prepregs
with matrix shear strength of 0.1 MPa and oven-cured layers with matrix shear
strength of 61 MPa. Two types of bilayer composite beams were manufactured:
(i) bilayer composite beams with the uncured layer on top of the cured layer,
and (ii) bilayer composite beams with the cured layer on top of the uncured
layer; each layer had half the thickness of the bilayer beams. The performance
of the bilayer beams was compared against their monolithic precursors with
the same thickness. All composite beams were then subjected to quasi-static
indentation tests with rigid back support, quasi-static cropping tests, and
ballistic impact tests with a cuboid shaped projectile under a simply supported
boundary condition. In both quasi-static tests, the stacking configuration
of the bilayer beams had no effect on the failure mechanism and the test
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responses. Both types of bilayer beams failed by indirect tension (consisting
of ply tensile failure in the fibre direction) in the back-supported indentation
tests and failed by shear plugging (consisting of transverse matrix cracks, ply
delamination, and fibre fracture) in the quasi-static cropping tests. In contrast,
the bilayer beams showed a mixed mode failure in the ballistic impact test. The
uncured layer was found to fail by indirect tension regardless of its stacking
configuration, whereas the cured layer failed by shear plugging when it was
placed at the front face and failed by a back face tensile mode when it was
placed at the distal face. Overall, the impact resistance of the bilayer beams
closely followed the rule of mixtures compared to their monolithic precursors.
Compared to the monolithic cured CFRP beams, the ballistic penetration
velocity of the bilayer beams showed a 43% improvement when the cured layer
was at the distal face and showed a 64% improvement when the cured layer
was at the front face.
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6.1 Introduction
Conventional Carbon Fibre Reinforced Plastic (CFRP) laminates with a high
strength epoxy matrix (with shear strength ranging from 50 MPa to 100 MPa)
deliver inferior impact resistance compared to armour-grade composites such as
UHMWPE fibre based Dyneemar laminates consisting of a soft theromplastic
matrix (with shear strength in the order of 1 MPa to 10 MPa). Under ballistic
loading, CFRP composites normally fail by a brittle shear plugging mode,
whereas UHMWPE fibre composites fail by an indirect tension mode that
is facilitated by ply tensile failure. This chapter explores the potential of
improving the impact resistance of CFRP composites by suppressing the shear
plugging mode through composite hybridisation.
Peijs and Venderbosch (1991); Peijs et al. (1990b) have demonstrated that
it is possible to improve the ballistic limit (i.e. penetration velocity) of
CFRP plates through a composite hybridisation technique. In their studies,
the researchers conducted ballistic and Charpy impact tests on hybridised
composite laminates that consisted of alternating layers of UHMWPE fibre
composites and CFRP composites. They found that the penetration velocities
of these hybridised composites were higher than those of monolithic CFRP with
the same thickness. The penetration velocity increased along with the degree
of hybridation (i.e. the total number of alternating layers for a given composite
thickness). Other researchers have also investigated the impact resistance
of various forms of fibre composite hybrids, such as glass fibre/carbon fibre
hybrids (Enfedaque et al., 2010; Harris and Bunsell, 1975; Sevkat et al., 2009)
and Kevlarr fibre/carbon fibre hybrids (Enfedaque et al., 2010; Park and Jang,
2001; Perry and Adams, 1975). Their results were in agreement with those
observed by Peijs and Venderbosch (1991); Peijs et al. (1990b).
An investigation presented in Chapter 5 demonstrated that the penetration
velocity of CFRP cross-ply beams can also be improved through the reduction
of the matrix shear strength. CFRP beams with a high matrix shear strength
fail by a brittle shear plugging mode. As the matrix shear strength is reduced
from 100 MPa to 22 MPa, penetration velocity improves two-fold. Once the
matrix shear strength decreases below 22 MPa, the failure mode switches to
indirect tension and the CFRP laminates behave similarly to UHMWPE fibre
composites. For this failure regime, penetration velocity remains elevated and
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is independent of the matrix shear strength.
The findings from Chapter 5 suggest that CFRP laminates with low matrix
shear strength can fulfill a similar role as UHMWPE fibre composites in the
hybridisation technique described by Peijs and Venderbosch (1991); Peijs et al.
(1990b). It is possible to develop a new form of CFRP hybrid composites with
an improved ballistic limit by alternating layers of CFRP with low matrix shear
strength and high matrix shear strength. As yet, no literature has investigated
the impact response of this type of hybrid composite. Consequently, the
current chapter seeks to determine whether this form of hybridisation can
suppress the brittle shear plugging mode observed in conventional CFRP.
6.1.1 Scope of Study
In this chapter, the impact resistance and perforation mechanisms of bilayer
CFRP composite beams (consisting of one layer with low matrix shear strength
and one layer with high matrix shear strength) are compared to those of their
monolithic precursors. Figure 6.1 illustrates the two types of bilayer composite
beams investigated in this chapter: (i) bilayer composite beams with the
uncured layer (with τ = 0.1 MPa) on top of the cured layer (with τ = 61 MPa),
and (ii) bilayer composite beams with the cured layer on top of the uncured
layer; each layer had half the thickness of the bilayer beams. The performance
of the bilayer beams was compared against their monolithic precursors with
the same thickness. Note that a composite beam configuration was selected for
ease of identifying the failure mechanisms (such as shear plugging and indirect
tension).
The composite beams were subjected to three types of tests: (i) a quasi-static
indentation test with rigid back support, (ii) a quasi-static cropping test
with a clearance c between the edge support and a flat indenter, and (iii) a
ballistic test with a cuboid shaped projectile and a simply supported boundary
condition. For ease of comparison, the dimensions of the composite beams and
the test set-up in the current study were identical to those in Chapter 5. The
perforation mechanisms and ballistic penetration velocities of these composite
beams were then compared against one another.
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Figure 6.1: Schematic illustration of the stacking configuration of CFRP layers in the bilayer
composite beams (A-on-B) and (B-on-A).
6.2 Specimen Manufacture
CFRP cross-ply laminates with thickness of 2 mm (corresponding to
[0◦/90◦]8) and 4 mm (corresponding to [0◦/90◦]16) were made from Hexplyr
8552/35%134/IM7 carbon fibre/epoxy prepregs (with a ply thickness of
0.131 mm). The uncured prepregs were first laid-up by hand. They were
then cut into rectangular beams with uniform dimensions (height of 2 or
4 mm, breath B = 11 mm, and length L = 300 mm) using a band saw.
Half of these beams were cured by being placed in an air-oven at 180◦C for
24 hours while being compressed in-situ at 0.1 MPa in the through-thickness
direction by spring-loaded platens (see detailed drawing in Appendix A). The
uncured 4 mm thick beams were designated as monolithic material (A) and
the cured 4 mm thick beams were designated as monolithic material (B). The
2 mm thick beams were then stacked to create bilayer composite beams in
two configurations: bilayer (B-on-A), material A on top of material B; and
bilayer (B-on-A), material B on top of material A. The total beam height
was H = 4 mm. All four types of composite beams consisted of the same
beam height of H = 4 mm (32 plies), a [0◦/90◦]16 lay-up, and areal density
of ρA = 6.28 kg/m
2. They were stored at −15◦C to avoid further curing and
brought back to room temperature for 5 hours prior to testing.
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Table 6.1: Summary of curing process of the cross-ply laminate precursors used in the bilayer
beams.
Material Curing
method
Curing
temperature
Curing
duration
Applied
pressure
Short
beam
shear
strength
τ (MPa)
A uncured room
temperature
– – 0.1 MPa a
B oven
cured
180˚C 24 hours out-of-plane,
0.1 MPa
61 MPa
a Material (A) was strain rate sensitive and its short beam shear test showed
no shear failure. The matrix shear strength reported here is the reference shear
stress obtained at a shear strain of 5% τ(γ = 5%) and at a shear strain rate
of γ˙ = 10−3s−1.
6.3 Experimental Methods
The experiments in the current chapter use the same set-ups as in Chapter 5.
Nevertheless, a brief summary is provided below.
6.3.1 Quasi-static Indentation Test
CFRP monolithic and bilayer beams with rectangular dimensions (height of
H = 4 mm (32 plies), breath of B = 11 mm, and length of L = 75 mm)
were subjected to out-of-plane indentation by being placed between a flat
back support and a hardened steel indenter with a square bottom of
l1 = l2 = 12.5 mm in the x-y plane, see Figure 6.2a. Specimens were tested
using a screw-driven test machine with a 150 kN load cell (or a servo hydraulic
machine with a 1 MN load cell for loads in excess of 150 kN) at an applied
displacement rate of u˙z = 4× 10−3 mm/s in the z-direction in the figure. The
indentation load F was recorded by the machine load cell and the displacement
uz was measured using a laser extensometer. For consistency, specimens were
tested such that fibres in the top ply were parallel to the x-direction.
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6.3.2 Quasi-static Cropping Test
CFRP monolithic and bilayer beams with the same rectangular dimensions
mentioned above (i.e. H = 4 mm, B = 11 mm, L = 75 mm) were examined
through a cropping test using a screw-driven test machine with a 150 kN
load cell. Specimens were placed between a hardened steel indenter (with a
square bottom of l1 = l2 = 12.5 mm in the x-y plane) and two back supports
with 18.5 mm spacing, creating a clearance c = 3 mm (with c/H = 0.75)
between the edge support and the flat indenter, see Figure 6.2b. Specimens
were placed such that fibres in the top ply were parallel to the x-direction in the
figure. The average shear strain of the specimen γ¯ within the clearance c was
calculated from the indenter displacement uz as: γ¯ = uz/c. The cropping tests
were performed at an out-of-plane displacement rate of u˙z = 3 × 10−3 mm/s
(associated with an applied shear strain rate of γ˙ = 10−3s−1). Side views of
the specimens were recorded during the cropping tests using a PixeLINKr
camera.
6.3.3 Ballistic Impact Test
CFRP monolithic and bilayer beams with rectangular dimensions (height of
H = 4 mm (32 plies), breath of B = 12.5 mm, and length of L = 300 mm) were
subjected to ballistic impact using a cuboid shaped projectile under a simply
supported boundary condition. The specimens were adhered to a rigid steel
foundation using double-sided adhesive tape such that they had a span length
of Ls = 250 mm, see Figure 6.2c. Specimens were placed such that fibres in
the top ply were parallel to the x-direction in the figure. Specimens were then
impacted in the z-direction using a hardened steel projectile with a square
cross-section of l1 = l2 = 12.5 mm in the x-y plane, a depth of l3 = 9 mm
in the z-direction, and a projectile mass of mp = 1.1 × 10−2 kg. Projectiles
were launched using a gas gun with a 4.5 m long barrel having a square inner
cross-section of 13 mm × 13 mm. The impact velocity v0 was measured using
a set of laser gates.
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Figure 6.2: Schematic illustrations of the set-up used in the a) quasi-static indentation test,
b) quasi-static cropping test, and c) ballistic test. All dimensions are in mm.
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6.4 Results
6.4.1 Quasi-static Indentation Test
When the back-supported composite beams were subjected to indentation
using a flat indenter, the material below the indenter experienced out-of-plane
compression. The average indentation pressure p¯ and the average compressive
strain ε¯ in the area underneath the indenter are expressed as:
p¯ =
F
Bl1
(6.1)
ε¯ =
uz
H
(6.2)
Figure 6.3 presents the indentation response of the two monolithic beams and
the two bilayer beams in terms of p¯ and ε¯. All specimens showed catastrophic
failure with acoustic emissions at peak values of average pressure p¯c. Among
the four tested materials, monolithic material (A), bilayer composite beam
(A-on-B), and bilayer composite beam (B-on-A) all failed at similar average
pressures of p¯c ∼ 760 MPa, whereas material (B) showed the highest
average pressure at failure of p¯c = 1260 MPa. Post-test optical inspection
revealed that all specimens showed catastrophic failure where plies exploded
directly underneath the indenter (through fibre tensile failure). This failure
mode resembles the indirect tension mechanism observed in the out-of-plane
compression test of CFRP cross-ply laminates.
6.4.2 Quasi-static Cropping Test
When the composite beams were punched using a flat indenter through the
opening of a back support with a clearance c between the edge support and
the indenter, the material within the clearance was subjected to out-of-plane
shear deformation. The average shear stress τ¯ and average shear strain γ¯ are:
τ¯ =
F
2BH
(6.3)
γ¯ =
uz
c
(6.4)
Recall that B = 11 mm, H = 4 mm, and c = 3 mm. Figure 6.4 presents the
cropping test responses of the composite beams in terms of τ¯ and γ¯. Cropping
tests in monolithic material (A) showed no failure. However, the scale of the
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Figure 6.3: Static indentation responses of composite beams in terms of p¯ versus ε¯.
shear stress in material (A) was significantly lower than in the other specimens.
In contrast, all other specimens showed initial peak values τ¯c. Monolithic
material (B) showed the highest peak strength with τ¯c = 38 MPa at γ¯ ∼ 5%.
Next, bilayer (A-on-B) had a peak strength of τ¯c = 20 MPa at γ¯ ∼ 15%.
Finally, bilayer (B-on-A) had a peak strength of τ¯c = 17 MPa at γ¯ ∼ 18%.
For the purpose of comparison, a reference shear stress of material (A) was
taken for an intermediate γ¯ = 5%: τ¯(γ¯ = 5%) is ∼ 0.05 MPa. This reference
shear stress was averaged with the peak strength of material (B), providing a
mean value of 19 MPa for monolithic materials (A) and (B) in the quasi-static
cropping test. This mean shear strength was superimposed on Figure 6.4b.
Note that both of the bilayer composite beams showed similar responses and
their peak shear stresses were within 10% of this mean shear strength.
Optical images recorded during the tests (at γ¯ = 40%) and post-test
micrographs revealed that the shear deformation in the uncured layer (A)
was due to delamination at the interface between plies, whereas the shear
damage in the cured layer (B) was facilitated by transverse matrix cracks, ply
delamination, and fibre fracture (see Figure 6.5).
6.4.3 Ballistic Impact Test
Ballistic tests were performed on both the composite monolithic and bilayer
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Figure 6.4: Static cropping test responses in terms of τ¯ versus γ¯ for specimens of a) material
(A) and b) material (B), bilayer (A-on-B), and bilayer (B-on-A).
beams under a simply supported boundary condition. Figure 6.6 shows the
measured ballistic limit (i.e. penetration velocity vp) of the composite beams.
vp is defined as the average of the lowest velocity to fully penetrate the
target and the highest velocity to partially penetrate the target. Monolithic
material (A) had the highest penetration velocity with vp = 323 ± 6 m/s,
followed by bilayer (B-on-A) with vp = 296 ± 20 m/s, bilayer (A-on-B) with
vp = 259 ± 19 m/s, and monolithic material (B) with vp = 181 ± 6 m/s.
Post-test optical analysis revealed the failure mechanisms of the monolithic
and bilayer composite beams (refer to illustrations and microscopy evidence in
Figure 6.7). The failure mechanisms of monolithic beams have been presented
in Chapter 5; their results are presented here for the purpose of comparison.
In brief, monolithic material (A) failed by an indirect tension mechanism,
consisting of Poisson expansion of plies transverse to the fibre and fibre tensile
failure in the area beneath the projectile. Monolithic material (B) failed
by a shear plugging mechanism, consisting of transverse matrix cracks, ply
delamination, and fibre fracture underneath the edge of the contact. In the
case of the bilayer composites, the stacking configuration had no effect on the
failure mechanism of the uncured layer (A), which failed by indirect tension
in both configurations. However, the failure mechanism of the cured layer (B)
was sensitive to the stacking configuration. When layer (B) was placed on top,
it failed by the shear plugging mechanism. Whereas when layer (B) was placed
at the bottom, it failed by a back face tensile mode.
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Figure 6.5: Optical images recorded during the interrupted cropping tests of a) monolithic
material (A), b) monolithic material (B), c) bilayer (A-on-B), and
d) bilayer (B-on-A) at γ¯ = 40% (only a 9× 9 mm window of one side of the
punched region was recorded). For the bilayers (A-on-B) and (B-on-A), the
damaged areas are labelled as (i) and (ii), respectively. e) Close up optical
microscopy of the damaged areas, (i) and (ii).
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6.5 Discussion
6.5.1 Failure Mechanisms
Table 6.2 compares the observed failure modes of the bilayer composite beams
to their composite precursors tested under quasi-static and dynamic loading.
In the quasi-static indentation test, both the monolithic materials (A) and
(B) failed by indirect tension. As a result, the failure mechanisms of the
bilayer beams (A-on-B) and (B-on-A) also remained as indirect tension, similar
to their composite precursors. In the quasi-static cropping test, both the
monolithic materials (A) and (B) failed by a shear plugging mechanism; thus,
the failure mechanisms of the bilayer beams both remained as shear plugging.
In the ballistic test, however, monolithic material (A) failed by indirect tension
and material (B) failed by shear plugging. The contrasting mechanisms of the
composite precursors caused the bilayer beams to fail by a mixed mode. When
layer (B) was placed on top, the two layers had little interaction and the failure
mechanisms among the layers were ‘decoupled’, i.e. layer (B) failed by shear
plugging and layer (A) failed by indirect tension. When layer (A) was placed
on top, a rather surprising result was observed: layer (A) continued to fail
by indirect tension, but layer (B) failed by a back face tensile mode instead
of shear plugging. This change in failure mechanism in layer (B) could be
attributed to: (i) the placement of layer (B) at the back face where in-plane
tensile stress can be introduced through the bending deformation of the whole
specimen or (ii) the soft matrix in layer (A) allowing it to conform to the
projectile shape through plastic deformation and thus reducing the local shear
stress underneath the projectile edge.
6.5.2 Penetration Velocity
In the ballistic test, monolithic material (A) failed by indirect tension and
showed the highest penetration velocity at vp = 323 ± 6 m/s. In contrast,
monolithic material (B) failed by a brittle shear plugging mode and showed
the lowest penetration velocity at vp = 181 ± 6 m/s. Both of the bilayer
composite beams experienced a mixed-mode failure where layer (A) failed by
indirect tension and layer (B) failed by either shear plugging or back face
tension. Their penetration velocities were in between those of the monolithic
beams: vp = 259 ± 19 m/s in bilayer (A-on-B) and vp = 296 ± 20 m/s
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Table 6.2: Summary of observed failure modes of composite beams in different tests.
Material Uniaxial
compression
test a
Static
indentation
test
Static
cropping
test
Ballistic
test
A IT b IT SP c IT
B IT IT SP SP
A-on-B – IT SP IT + BFT d
B-on-A – IT SP SP + IT
a Measured from a [0◦/90◦]8 cross-ply specimen with a side length L×L (with
L = 10 mm).
b IT - indirect tension mechanism
c SP - shear plugging mechanism
d BFT - back face tension
in bilayer (B-on-A). Bilayer (A-on-B) showed a 43% improvement and
bilayer (B-on-A) showed a 64% improvement in penetration velocity compared
to monolithic material (B). The measured vp of the composite beams was
compared to the predictions based on the rule of mixtures by plotting vp
as a function of the volume fraction of layer (A) VˆA, see Figure 6.8. Note
that VˆA = 1 in monolithic material (A), VˆA = 0 in monolithic material
(B), and VˆA = 0.5 in both of the bilayer beams. Assuming that the energy
dissipation of each material is proportional to its thickness, the total kinetic
energy dissipation ability of a hybrid beam W ∗ can be estimated as:
W ∗ =
mp
(
v∗p
)2
2
= VˆA
mpv
2
A
2
+
(
1− VˆA
) mpv2B
2
(6.5)
where mp is the mass of the projectile and v
∗
p is the penetration velocity of a
hybrid material that obeys the rule of mixtures. v∗p can be determined by:
v∗p =
√
VˆAv2A +
(
1− VˆA
)
v2B (6.6)
where vA is the penetration velocity of a monolithic material (A), and vB is
the penetration velocity of a monolithic material (B).
Figure 6.8 shows that bilayer (A-on-B) is consistent with the rule of mixtures,
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Figure 6.8: A plot of the penetration velocity vp of the composite beams as a function of
the volume fraction of layer (A) VˆA, showing both the measured penetration
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but a small positive hybrid effect is observed in bilayer (B-on-A) (with
penetration velocity 13% higher than predicted by the rule of mixtures).
Recall that layer (A) failed by an indirect tension mechanism regardless
of the stacking configuration. The slight improvement of bilayer (B-on-A)
versus bilayer (A-on-B) indicates that more energy can be dissipated when
the back face deflection of layer (A) is promoted. This observation is
consistent with a finding given by Karthikeyan and Russell (2014), where
the researchers demonstrated that when a thick laminate fails by an indirect
tension mechanism, a small portion of the material at the back face can
delaminate from the composite and then fail by membrane stretching. This
portion of the material can dissipate ∼ 6.5 times more energy than the rest of
the composite.
6.6 Conclusions
This chapter investigated the impact resistance and perforation mechanisms of
bilayer CFRP composite beams (consisting of one layer with low matrix shear
strength and one layer with high matrix shear strength). Two types of bilayer
composite beams were investigated in this chapter: (i) bilayer composite beams
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with the uncured layer (with τ = 0.1 MPa) on top of the cured layer (with
τ = 61 MPa), and (ii) bilayer composite beams with the cured layer on top
of the uncured layer; each layer had half the thickness of the bilayer beam.
The performance of the bilayer beams was compared against their monolithic
precursors with the same thickness. The composite beams were subjected to
three types of tests: (i) a quasi-static indentation test with rigid back support,
(ii) a quasi-static cropping test with a clearance c between the edge support
and a flat indenter, and (iii) a ballistic test with a cuboid shaped projectile
and a simply supported boundary condition.
In the quasi-static indentation test, all four composite beams failed by the
indirect tension mechanism facilitated by ply tensile failure in the area directly
underneath the indenter. In the quasi-static cropping test, all four composite
beams failed by the shear plugging mechanism, which consisted of transverse
matrix cracks, ply delamination, and fibre fracture concentrated underneath
the edges of the indenter. In the ballistic test, monolithic beams made of
uncured prepregs failed by the indirect tension mechanism and showed the
highest impact resistance in terms of ballistic penetration velocity. In contrast,
monolithic beams made of cured laminates failed by a brittle shear plugging
mode and had the lowest ballistic penetration velocity. The two bilayer
composite beams experienced mixed-mode failure with the uncured prepregs
failing by indirect tension regardless of the stacking configuration, whereas the
cured layers failed by shear plugging when placed on top but showed a back
face tensile mode when placed at the distal face. This demonstrated that it is
possible to suppress the brittle shear plugging mode in cured CFRP laminates
through the application of protective layers of uncured CFRP. It appears that
the impact resistance of these bilayer composite beams closely follows the rule
of mixtures based on the performance of their monolithic precursors. The
bilayer composite beams demonstrated a significant improvement in ballistic
limit (i.e. penetration velocity) when compared to monolithic cured CFRP
beams: a 43% improvement when the cured layer was placed at the bottom,
and a 64% improvement when the cured layer was placed on top.
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Chapter 7
Perforation of Aluminium
Alloy-CFRP Bilayer Plates
under Quasi-static and Ballistic
Loading
Summary
The current study explores the potential of protecting cured CFRP cross-ply
plates against perforation by using a protective metal layer. In particular,
can a protective metal layer suppress the commonly observed brittle shear
plugging mechanism in conventional CFRP under ballistic loading? To address
this, a protective aluminium alloy plate was placed in front of a CFRP
plate. Monolithic CFRP plates were manufactured from autoclaved cross-ply
[0◦/90◦]16 laminates of Hexplyr 8552/35%/134/IM7. Aluminium alloy-CFRP
bilayers were manufactured by placing in turn two grades of aluminium alloy
plates (AA1050A and AA6082-T6) in front of a CFRP layer. The composite
plates were then subjected to quasi-static indentation and ballistic impact
by a spherical indenter or projectile. Four types of tests were conducted:
(i) quasi-static indentation test with rigid back support, (ii) quasi-static
indentation test with an edge-clamped condition, (iii) ballistic test with rigid
back support, and (iv) ballistic test with an edge-clamped condition.
The perforation mechanism of the CFRP layer depends on the testing
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boundary condition (i.e. back-supported versus edge-clamped) but is affected
neither by the presence of the metal layer nor by the choice of loading
conditions (i.e. quasi-static versus ballistic). In the back-supported condition,
the CFRP layers failed by an indirect tension mode that consists of tensile
failure of plies in the material directly beneath the indenter or projectile.
In the edge-clamped condition, the CFRP layers failed by a shear plugging
mechanism. Although the metal layers were not able to suppress the shear
plugging of the underlying CFRP layer under the edge-clamped condition,
the contact area in the CFRP layer increased after the addition of the
protective metal layer. This expansion in contact area increased the energy
required to form a shear plug, hence improving the perforation resistance of
the CFRP layer. On an equal areal density basis, the perforation resistance
of the composite plates increased in the following order: monolithic CFRP,
AA1050A-H6-CFRP bilayer, and AA6082-T6-CFRP bilayer.
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7.1 Introduction
Under ballistic loading, conventional Carbon Fibre Reinforced Plastic (CFRP)
laminates with high matrix shear strength fail by a brittle shear plugging mode,
and consequently have inferior ballistic resistance compared to UHMWPE
fibre based Dyneemar composites. The investigation presented in Chapter 5
revealed that the ballistic limit (i.e. penetration velocity) of CFRP can
be improved by suppressing this shear plugging mode and activating an
indirect tension mode that is facilitated by ply tensile failure. This had
been achieved through the reduction of matrix shear strength. This chapter
explores an alternative method of suppressing the shear plugging mode and
enhancing penetration resistance in conventional CFRP, through the addition
of a protective metal layer.
Many researchers have shown that the impact resistance of fibre composites,
such as glass fibre reinforced plastic (GFRP) and aramid fibre composites,
can be improved by bonding them with alternating metal layers into hybrid
composites known as fibre metal laminates (Bienias´ et al., 2015; Jaroslaw
et al., 2016; Lawcock et al., 1998; Song et al., 2010; Vlot and Krull, 1997;
Yu et al., 2015). There are currently three types of fibre metal laminates:
armaid fibre reinforced aluminium laminates (ARALLr), glass reinforced
aluminium laminates (GLAREr), and carbon fibre reinforced aluminium
laminates (CARAL). Pioneering work by Vlot (1993, 1996) showed that
GLAREr composites offer higher impact resistance than both their monolithic
composite precursors and monolithic aluminium alloys with the same thickness.
The general failure mechanism of the fibre metal laminates under impact
loading is particularly complex as it involves both matrix and fibre failure
in the composite layer, plastic deformation of the metal layer, and debonding
at the metal-composite interface. Many researchers have reported that the
metal-composite debonding occurs due to the weak adhesion and mismatch
of stiffness between the metal and the composite layers (Atas, 2007; Bienias´
et al., 2015; Compston et al., 2001; Jaroslaw et al., 2016; Wu et al., 2007). To
increase bond strength between the metal and composite layers, toughening
methods such as chemical etching and introduction of micro-patterns on the
metal surface have been explored by Kim et al. (2010); Ning et al. (2013);
Yun et al. (2011). These studies showed that the failure mode in the adhesive
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(i.e. cohesive failure or interfacial failure) can have a large influence on the
overall bond strength. However, Pa¨rna¨nen et al. (2015) revealed that these
surface treatments do not resolve the debonding issue under impact loading.
The weak bond between the metal and composite layers is an ongoing challenge
in the manufacture of fibre metal laminates.
Currently, a relatively limited amount of literature is available regarding
CARAL composites and their perforation mechanism is only beginning to be
explored. A recent study by Bienias´ et al. (2015) investigated the damage
mechanism of a composite sandwich consisting of a CFRP core and aluminium
alloy face sheets, subjected to a low-velocity impact. They observed that the
damage consisted of transverse matrix cracks and ply delamination in the
CFRP layer, plastic deformation of the aluminium alloy layers, and debonding
in the metal-CFRP interfaces. Furthermore, the presence of the metal layers
reduced the matrix crack formation and delamination propagation within the
CFRP layer compared to monolithic CFRP with the same thickness. However,
this study did not extend to higher impact velocities involving fibre failure.
This will be the focus of the current chapter.
7.1.1 Scope of Study
In this chapter, the protective effect of aluminium alloy layers on the
impact resistance and perforation mechanism of a CFRP plate is investigated.
Figure 7.1 illustrates the general problem in the current study. An aluminium
alloy layer is placed in front of a CFRP cross-ply laminate, creating an
aluminium alloy-CFRP bilayer plate. The bilayer plates are then subjected
to quasi-static indentation and ballistic impact by a spherical indenter or
projectile under different supporting boundary conditions. In total, four types
of tests were conducted: (i) quasi-static indentation test with rigid back
support, (ii) quasi-static indentation test with an edge-clamped condition,
(iii) ballistic test with rigid back support, and (iv) ballistic test with an
edge-clamped condition. To study the role of the metal layer’s yield strength,
two types of aluminium alloy layers were used in the fabrication of the bilayer
plates: (i) AA1050A-H6 and (ii) AA6082-T6. The quasi-static and ballistic
performance of these bilayer plates were then compared against each other and
versus those obtained from the unprotected monolithic CFRP layers.
Note that this study used a simplified bilayer configuration with no adhesive
between the aluminium alloy layer and the composite layer. This eliminates
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Figure 7.1: Schematic illustration of an aluminium alloy-CFRP bilayer struck by a spherical
indenter/projectile. All dimensions are in mm.
the above-mentioned complexity of failure in the adhesive and allows a pressure
indicating film to be placed between the aluminium alloy and the CFRP
layers, in order to record the average pressure at the onset of damage in the
indentation tests. Nevertheless, preliminary experiments were conducted on
AA1050A-H6-CFRP bilayer plates with the aluminium alloy layer and the
CFRP layer bonded together by a Redux 810r epoxy adhesive. Appendix E
summarises the results of these tests and compares the ballistic performance
under an edge-clamped condition of these bonded bilayer plates to that of
bilayer plates without adhesive. It was observed that the adhesive had a
limited effect on the ballistic resistance and had no influence on the failure
mechanism of the CFRP layer.
7.2 Specimen Manufacture
Cross-ply laminates [0◦/90◦]16 were made from Hexplyr 8552/35%134/IM7
carbon fibre/epoxy prepregs (with a ply thickness of 0.131 mm). They were
then cured in an autoclave environment following the procedure recommended
by Hexcel Composites (2013). Three types of composite plates were
manufactured using the above autoclave cured CFRP layer as the raw material:
one type of monolithic CFRP plate, and two types of aluminium alloy-CFRP
bilayer plates. Monolithic CFRP plates were made by cutting the cured
CFRP laminates using a diamond saw into square dimensions of w × w
(with a width of w = 75 mm, a thickness of 4 mm, and an areal density
of 6.28 kg/m2). The two aluminium alloy-CFRP bilayer plates were made
by stacking aluminium alloy protective sheets, AA1050A-H6 (40 Vickers) or
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Figure 7.2: Uniaxial tensile curves of aluminium alloy AA1050A-H6 and AA6082-T6.
AA6082-T6 (120 Vickers), on top of the CFRP plates. The tensile properties
of the aluminum alloy sheets were independently measured through uniaxial
tensile tests using standard dog-bone shaped specimens with an applied strain
rate of 10−3/s. AA1050A-H6 showed a 0.2% offset yield strength σy of
107 MPa, an ultimate tensile strength (UTS) of 117 MPa, and elongation
to failure of 7%. AA6082-T6 showed a σy of 262 MPa, a UTS of 303 MPa,
and elongation to failure of 16%, as shown in Figure 7.2. In the current
study, no adhesive was applied between the aluminium sheets and the CFRP
plates; this eliminated the potential effects of adhesive bonding on the failure
mechanism and thus simplified the analysis. The aluminium alloy sheets
were cut in a guillotine machine into square dimensions of w × w (with a
width of w = 75 mm, a thickness of h = 1.5 mm, and an areal density of
3.45 kg/m2). The following labelling procedure is used throughout this study:
(A) monolithic CFRP panels, (B) bilayer panels with an AA1050A-H6 sheet
on top of CFRP, and (C) bilayer panels with an AA6082-T6 sheet on top of
CFRP. Each monolithic plate (A) had a total thickness of H = 4 mm and
an areal density ρA of 6.28 kg/m
2 while the bilayer plates (B) and (C) each
had a total thickness of 5.5 mm and an areal density ρA of 9.73 kg/m
2; these
parameters are summarised in Table 7.1.
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Table 7.1: Summary of layer thickness and areal density of monolithic CFRP and the
aluminium alloy-CFRP bilayer plates.
Material Metal
layer
thickness
h (mm)
CFRP
layer
thickness
H (mm)
Total
plate
thickness
H + h
(mm)
Total areal
density
ρA
kg/m2
A – 4 4 6.28
B 1.5 4 5.5 9.73
C 1.5 4 5.5 9.73
7.3 Test Methods
7.3.1 Ballistic Tests
Composite plates with dimensions w × w (with a width of w = 75 mm) and
total thickness of 4 mm for material (A) and 5.5 mm for bilayer plates (B) and
(C) were subjected to ballistic impact by a ball bearing made of chrome steel
with a diameter of D = 5.6 mm and a mass of mp = 7.2×10−4 kg. In the case
of bilayer plates, specimens were placed such that the projectile would hit the
aluminium alloy protector first. The ballistic tests were performed under two
boundary conditions: (i) edge-clamped and (ii) back-supported.
(i) Edge-clamped:
Under the edge-clamped condition, composite plates were frictionally clamped
between two 12.7 mm thick steel plates using M6 bolts each with 8 Nm
torque, as illustrated in Figure 7.3a. The front and back plates were previously
surface-roughened through sand blasting. The front and backing plates each
consisted of 12 equi-spaced holes (with hole diameter of 6 mm and pitch
diameter of 90 mm) and a concentric opening window with a diameter of
Ds = 55 mm that allowed for the back face deflection and perforation of the
specimens. The backing plate was mounted to an outer frame allowing a
projectile to impact the specimen normally through the centre of the opening.
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(ii) Back-supported:
Under the back-supported condition, composite plates with the same specimen
sizes were placed in front of a hardened silver steel (560 Vickers) backing plate
with a thickness of 45 mm. The projectile would then impact normally and
centrally from the z-direction in Figure 7.3b. To ensure that the specimens
were fixed in place before the impact, they were adhered to the backing plate
using double-sided adhesive tape.
In both boundary conditions, spherical projectiles were launched using a gas
gun (with helium or nitrogen compressed gas) with a 4.5 m long aluminium
barrel havin a bore diameter of 6 mm. In this set-up, the projectiles impacted
the specimens normally and centrally. The impact velocity v0 ranged from
30 m/s to 380 m/s, and was measured using a set of laser gates placed near
the exit of the barrel.
During the ballistic test, high-speed images were taken using a Phantomr
V1610 camera (with an inter-frame time of 16 µs and an exposure time
of 0.43 µs) to record the rebound velocity vr and to confirm the laser
measurements of the impact velocity v0.
7.3.2 Quasi-static Indentation Tests
Composite plates (A) to (C) were subjected to out-of-plane indentation by
a hemispherical indenter made of hardened silver steel (700 Vickers) with
a diameter of D = 5.6 mm under (i) an edge-clamped condition and (ii) a
back-supported condition. With the exception of the indenter, the specimen
dimensions and the test set-up of the current indentation test were identical
to those in the ballistic test illustrated in Figure 7.3. The indentation tests
applied a displacement rate u˙z = 1.7×10−2 mm/s in the out-of-plane direction
and were performed using a screw-driven test machine with a 150 kN load
cell. The indentation load F was recorded by the machine load cell and the
displacement of the indenter uz was measured using a laser extensometer.
For selected samples, the contact area of the CFRP layer (i.e. the contact
area of the top face in the monolithic plates, and the contact area between
the aluminium alloy layer and the CFRP in the bilayer plates) and the
average contact pressure were measured during the interrupted indentation
tests by placing pressure measurement films on top of the CFRP layer for
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each incremental displacement level. Three types of pressure measurement
films with differing pressure ranges (Fuji Prescaler MS, HS, and HHS films)
were purchased from Fujifilm Ltd. Each Fuji Prescaler film contains a
colour-forming layer on top of a colour-developing layer. The colour-forming
layer contains microcapsules with various sizes and wall strengths that are
correlated with pressure. When pressure is applied, the microcapsules
with various strengths would break at different pressures, creating a red
coloured patch with varying intensity of colour depending on the local
pressure. Calibrations had been conducted on the MS, HS, and HHS films
by compressing them between two flat platens at incremental pressure levels,
giving a calibrated pressure range of 35 MPa to 300 MPa.
In a preliminary test, a stack of MS, HS, and HHS Prescaler films was placed
on top of a monolithic plate (A) that was indented under a back-supported
condition at various indentation displacements uz. The contact pressure
distribution was recorded and it was similar to a Hertzian distribution, see
Figure 7.4. However, the pressure required to cause first failure was in the
range of 1 GPa, which greatly exceeds the pressure limit of commercially
available Prescaler films (300 MPa). Since the pressure measurement films
could not be used to record the full pressure distribution up to failure, they
were instead employed to measure the contact radius a in order to calculate
the average pressure p¯ ≡ F/(2pia2) in the subsequent interrupted tests. To
minimise the influence of the pressure films on the indentation response, only
one layer of MS film (with a thickness of ∼ 90 µm) was placed on top of the
CFRP layer (i.e. on top of the monolithic CFRP plate (A) or between the
CFRP layer and the aluminium alloy layer of the bilayer plates (B) and (C),
as illustrated in Figure 7.5a). The contact radius a in this study was estimated
to be the radius at which the contact pressure exceeded the lower limit of the
calibrated pressure range (i.e. 35 MPa). For high indentation displacements,
the indenter penetrated both the pressure film and the CFRP layer and thus
the contact radius was assumed to equal the indenter radius (i.e. a = R).
7.3.3 Post-test Characterisation
Tested specimens were sectioned across the impact zone using an abrasive
cut-off wheel with a thickness of 0.8 mm. For consistency, all specimens were
sectioned along the fibre direction in the top ply. Specimens were then mounted
in epoxy, followed by surface polishing and optical microscopy.
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7.4 Results
7.4.1 Failure Mechanisms
The failure mechanism of the CFRP layer depended on the testing boundary
condition (i.e. back-supported versus edge-clamped) but was not affected by
the presence of the metal layer nor the loading conditions (i.e. quasi-static
versus ballistic). In the back-supported condition, the CFRP layers failed by
an indirect tension mode consisting of tensile failure of plies in the material
directly beneath and near the center line of the indenter/projectile. In the
edge-clamped condition, the CFRP layers failed by a shear plugging mechanism
consisting of matrix shear cracks, ply delamination, and fibre fracture beneath
the edge of contact. Examples of the cross-sectional microscopy images of
materials (A) and (C) are summarised in Figures 7.6 and 7.7, respectively.
7.4.2 Quasi-static Edge-clamped Indentation Response
7.4.2.1 Load-Displacement Response
The indentation response (in terms of load F versus displacement uz) of the
composite plates under an edge-clamped condition are presented in Figure 7.9a.
All specimens exhibited an initial peak load Fi at uz of ∼ 1-2 mm, labelled (i)
in the figure. Among the three materials, monolithic CFRP (A) showed the
lowest Fi at 3.7 kN. Fi increased when aluminium alloy layers were introduced,
with Fi = 6.4 kN in bilayer plates (B) and Fi = 7.2 kN in bilayer plates (C).
Post test inspection revealed that this initial peak load Fi was associated with
matrix shear crack formation in the area beneath the edge of contact, while
the fibres remained intact. After this initial peak load, the indentation load
continued to increase up to a displacement of uz ∼ 4 mm, labelled (ii) in the
figure. At this higher displacement, multiple spikes started to appear and the
indentation load began to fall, indicating a series of failures in the underlying
CFRP. Post test inspection revealed that these spikes were associated with fibre
fracture beneath the edge of contact, and that the fractures would propagate
to connect with the above-mentioned matrix shear cracks.
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Figure 7.6: Cross-sectional microscopy images indicating that, regardless of the loading
conditions, monolithic CFRP plate material (A) failed by shear plugging in
the edge-clamped test and failed by indirect tension in the back-supported test.
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7.4.2.2 Measurement of the Average Indentation Shear Stress in
the CFRP Layer
Since damage initiation was triggered by the shear failure of the matrix in
the CFRP layer underneath the edge of the contact, the indentation force F
required to produce this shear failure can be estimated as:
F = 2pia (hτAl +Hτ¯) (7.1)
where a is the contact radius, h is the height of the aluminum layer
(h = 1.5 mm), H is the height of the CFRP layer (H = 4 mm), τAl is shear
yield strength of the aluminium alloy layer (taken to be σy/2 of the aluminium
alloy), and τ¯ is the average shear stress of the CFRP layer underneath the
circumference of the contact area. τ¯ can be expressed as:
τ¯ =
F
2piaH
− hτAl
H
(7.2)
The contact radius a on the top face of the CFRP layer was measured during
the interrupted indentation tests by placing a Prescaler film on top of the
CFRP layer for each incremental displacement level (at least 17 levels for each
material). The measurements of the contact radius are summarised in Figure
7.8b by plotting the ratios a/R (the radius of the indenter is R = 2.8 mm) as
functions of displacement uz.
Figure 7.9c shows the indentation responses of materials (A) to (C) by plotting
the normalised average shear stresses τ¯ /τy (where τy is defined to be the short
beam shear strength of the CFRP layer, i.e. 99 MPa ) as functions of the
displacement uz. Note that the damage initiation occurred at τ¯ /τy ∼ 1 due
to matrix shear failure (i.e. when the average shear stress reached the shear
strength of the CFRP layer), refer to label (i) in the figure. As the displacement
further increased to uz ∼ 4 mm, the normalised average shear stress of τ¯ /τy
exceeded unity and fibre fracture occurred underneath the edge of contact,
refer to label (ii) in the figure.
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7.4.3 Quasi-static Back-supported Indentation
Response
7.4.3.1 Load-Displacement Response
The indentation response (in terms of load F versus displacement uz) of the
composite plates under a back-supported condition are presented in Figure
7.9b. Monolithic material (A) exhibited an initial peak load Fi = 14.7 kN at
displacement uz ∼ 0.8 mm, labelled (i) in Figure 7.9a. In contrast, specimens
types (B) and (C) showed yielding behaviours at similar displacement
(uz ∼ 1-2 mm) due to the plastic deformation of the aluminium alloy layers,
delaying their peak loads Fi to occur at uz ∼ 2.5 mm. Their initial peak loads
were higher than for material (A), with material (B) at Fi = 22.2 kN and
material (C) at Fi = 25.3 kN. Post test inspection revealed that this initial
peak load Fi was associated with fibre tensile failure at the top ply in the area
directly beneath and near the centre line of the indenter.
7.4.3.2 Measurement of the Average Indentation Pressure on the
CFRP Layer
For the specimens that were tested under a back-supported condition, there
existed an out-of-plane pressure directly beneath the indenter. The average
indentation pressure p¯ underneath the indenter can be expressed as:
p¯ =
F
pia2
(7.3)
The contact radius a on the top face of the CFRP layer was measured using
Prescaler films, and is summarised in Figure 7.9b. Figure 7.9c shows the
indentation responses of materials (A) to (C) by plotting the normalised
average pressure p¯/p¯f (where p¯f = 1350 MPa is defined to be the out-of-plane
compressive strength of the CFRP layer) as functions of the displacement uz.
For specimens tested under a back-supported condition, damage occurred at
p¯/p¯f ∼ 1 as a result of out-of-plane compressive failure, refer to label (i) in the
figure. Since the out-of-plane compressive strength p¯f of the CFRP layer was
associated with an indirect tension mechanism (as mentioned in Chapter 3), it
is concluded that the CFRP layer also failed by indirect tension when indented
under a back-supported condition.
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7.4.4 Effect of Boundary Condition on the Average
Indentation Pressure
Figure 7.10 compares the average indentation pressure of composite plates
under edge-clamped and back-supported conditions (data for material (B) are
omitted for the sake of brevity). It is worth noting that the CFRP layer
failed by an indirect tension mechanism under the back-supported condition,
and thus the normalised average pressure p¯/p¯f was in the order of unity. In
contrast, the CFRP layer failed by a shear plugging mechanism under the
edge-clamped condition and average pressure p¯/p¯f was significantly lower.
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7.4.5 Effect of the Metal Layer on the Indentation Cut
Fraction
The level of damage in the CFRP layer can be represented by the fraction of
plies that exhibited fibre failure f (referred to as cut fraction). Figure 7.11
compares the level of damage in the CFRP layer prior to and following the
addition of a protective metal layer, by plotting f against the indentation load
F . Under an edge-clamped condition, f is defined to be the fraction of plies
where fibre tensile failure was observed. Under a back-supported condition, f
is defined to be the fraction of plies where fibre shear cutting was observed.
Figure 7.11 shows that the indentation loads required to cause the same degree
of damage were consistently higher for CFRP protected by a metal layer. The
resistance to damage increased in the following order: material (A), material
(B), and material (C).
Measuring contact radius a in the interrupted tests revealed that when the
CFRP layer is protected by a metal layer, the plastic deformation of the metal
layer has the effect of spreading the indentation load over a larger area (i.e. to
increase the contact radius a for a given indentation displacement uz), relieving
the pressure in the underlying CFRP. As a result, a larger indentation load F
was required to achieve the same level of damage as for unprotected CFRP.
To illustrate this load spreading effect, the critical radius at which fibre failure
was first observed ac (defined to be the measured radius a at which fibre
failure was first observed in the interrupted test) was recorded and the data are
presented in Figure 7.12 by plotting the ratios ac/R as functions of the shear
yield strength of the aluminium alloy layer τAl. The presence of the metal
layer lead to an increase of ac/R in both edge-clamped and back-supported
conditions. It is worth noting that the load spreading effect (indicated by the
higher value of ac/R) of the AA1050A-H6 layer (i.e. the aluminium alloy with
the lower yield strength) was marginally higher than for the AA6082-T6 layer.
However, the high yield strength of the AA6082-T6 layer offered additional
indentation resistance. Consequently, the indentation force required to cause
damage in material (C) was higher than in material (B).
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7.4.6 Ballistic Impact Response
The level of damage in the CFRP layer following ballistic impact, represented
by the fraction of plies that exhibited fibre failure f , was plotted as a function
of impact velocity v0 in Figure 7.13. For all tests, the fraction of failed plies
increased progressively with the impact velocity. Two critical velocities can be
defined: vinit is the velocity at initiation of failure (defined to be the highest
tested impact velocity at f = 0), and vp is the penetration velocity (defined
to be the lowest tested impact velocity at f = 1). Under both edge-clamped
and back-supported boundary conditions, the ballistic resistance in terms of
vinit and vp improved in the following order: monolithic material (A), bilayer
composite plates (B), and bilayer composite plates (C). The higher ballistic
resistance of material (C) was especially pronounced under the edge-clamped
condition, where vp exceeded the launch velocity limit of the test set-up
(380 m/s) and was estimated to be vp ∼ 400 m/s based on extrapolation
from the data.
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7.5 Discussion
7.5.1 Failure Mechanisms
In both the quasi-static and the ballistic tests, the failure mechanisms of the
CFRP layers in the monolithic and bilayer plates were sensitive to the testing
boundary condition but were not affected by the presence of the metal layers.
In the edge-clamped condition, back face deflection of the CFRP layer was
permitted. This caused the material beneath the edge of contact to undergo
shear deformation. Transverse matrix cracks would form when the local shear
stress reached the matrix shear strength of the CFRP. As the indentation force
or impact velocity increased further, the matrix crack formation was followed
by ply delamination and fibre fracture. Fibre fracture would propagate to
connect with the above-mentioned matrix cracks. This failure mode is often
referred to as the shear plugging mechanism, and is commonly observed in the
impact failure of conventional CFRP (Cantwell and Morton, 1989a,b, 1990;
Cristescu et al., 1975; Zhou, 1995). In the current study, the presence of the
metal protection did not suppress this shear plugging mode in the CFRP layer
under both quasi-static and ballistic loading. Measurements of the contact area
during the interrupted quasi-static indentation test confirmed that first failure
in the bilayer composite plates occured when the out-of-plane shear stress
of the CFRP reached its matrix shear strength. However, the contact area
measurement revealed that the plastic deformation of the metal layer had the
effect of spreading the indentation load over a larger area. This increased the
quasi-static indentation load required for shear plug formation. Analogously,
this load spreading effect of the metal protection can also occur under ballistic
loading, thus increasing the energy required for shear plug formation and
enhancing the ballistic resistance.
In the back-supported condition, back face deflection was prohibited. This
caused the material directly underneath the indenter or projectile to
undergo out-of-plane compression. Chapter 3 has demonstrated that, under
out-of-plane compression, CFRP cross-ply laminates can fail by an indirect
tension mechanism facilitated by ply tensile failure. A similar failure mode
was observed in this study, with fibre tensile failure occurring directly beneath
the indenter/projectile where the pressure is at a maximum. Note that
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this observed failure mode is in agreement with experimental results from
Poe Jr. (1991), who also observed that fibre tensile failure occurred in the
area directly underneath the indenter when a helical CFRP laminate was
subjected to back-supported indentation. In the current study, the presence of
the metal protection did not alter the failure mode of the underlying CFRP.
Nevertheless, the above-mentioned load spreading effect was also observed in
the back-supported tests and increased the indentation load as well as the
energy required for fibre tensile failure.
7.5.2 A Comparision of the Quasi-static and Ballistic
Responses
The above analysis indicates that the failure mechanisms of a CFRP layer are
the same under both quasi-static and ballistic loading. The level of damage
under different loading conditions can be compared by plotting the cut fraction
of plies f in the CFRP layer as a function of energy dissipation W . The energy
absorption W in the quasi-static experiments was calculated by integrating the
indentation load F across the displacement uz:
W = −
u0ˆ
0
Fduz (7.4)
where u0 is the maximum displacement before unloading in each interrupted
test. The energy dissipation W in the ballistic tests was calculated from the
different kinetic energies of the projectile before impact and after rebound:
W =
mp
2
(v20 − v2r) (7.5)
where mp is the projectile mass (7.2 × 10−4 kg), v0 is the impact velocity,
and vr is the rebound velocity. Overall, the energy dissipation in the CFRP
layer under quasi-static loading is comparable to the values from the ballistic
test, see Figure 7.14. The disparity of the energy dissipation was larger in the
edge-clamped condition; this can be attributed to the presence of stress wave
propagation in the ballistic test as opposed to in the quasi-static test.
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Figure 7.14: Cut fraction f in materials (A) to (C) from quasi-static and dynamic tests
plotted as functions of the energy dissipation W under a) edge-clamped and
b) back-supported conditions.
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Figure 7.15: Cut fraction f in materials (A) to (C) from quasi-static and dynamic
tests plotted as functions of the specific energy dissipation W/ρA under
a) edge-clamped and b) back-supported conditions.
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7.5.3 Effect of Metal Layer Protection on the Specific
Energy Dissipation
The bilayer composite plates tested in this study have a higher areal density
than that of the monolithic CFRP layer. To control for the effect of additional
material on the energy absorption capability, the ratio of energy absorption
to areal density for all the specimen types shall be compared Figure 7.15
plots the cut fraction of plies f in the CFRP layer as functions of specific
energy absorption (defined to be W/ρA), where monolithic plates (A) have
ρA = 6.28 kg/m
2 and bilayer plates (B) and (C) have ρA = 9.73 kg/m
2. Even
in terms of specific energy dissipation, bilayer plates (C) and in most cases (B)
have higher impact resistance than monolithic CFRP plates (A).
7.6 Conclusions
The current study explores the potential for protecting cured CFRP cross-ply
plates against perforation by using a protective metal layer. In particular,
it has been considered whether the presence of a protective metal layer
can suppress the commonly observed brittle shear plugging mechanism in
conventional CFRP under ballistic loading. For this purpose, two types
of aluminium alloy-CFRP bilayers were manufactured: one layer of (i)
AA1050A-T6 or (ii) AA6082-T6 was placed in front of a CFRP layer. The
performance of bilayer plates was compared against that of monolithic CFRP
plates without metal protection. The composite plates were then subjected
to quasi-static indentation and ballistic impact by a spherical indenter or
projectile under different supporting boundary conditions. In total, four types
of tests were conducted: (i) quasi-static indentation test with rigid back
support, (ii) quasi-static indentation test with an edge-clamped condition,
(iii) ballistic test with rigid back support, and (iv) ballistic test with an
edge-clamped condition.
In both quasi-static and ballistic tests, the perforation mechanism in the CFRP
layers was sensitive to the testing boundary condition but was not affected
by the presence of the metal layers. When the specimens were tested under
the edge-clamped condition, back face deflection was permitted. This caused
the CFRP layers to fail by shear plugging with transverse matrix cracks, ply
delamination, and fibre fracture concentrated in the material underneath the
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circumference of the contact area. In contrast, when the specimens were
tested under the back-supported condition, back face deflection was prohibited
and thus the material underneath the indenter/projectile was subjected to
compression. As a result, the CFRP layers failed by an indirect tension mode
consisting of ply tensile failure in the material directly underneath the indenter
or the projectile, similar to the failure mode observed for CFRP cross-ply
laminates when subjected to uniaxial out-of-plane compression.
The presence of the metal layer did not alter the failure mechanism in the
underlying CFRP layer, but did provide a beneficial load spreading effect. This
effect expanded the indentation and impact contact areas, which increased
the load and energy required to initiate failure. As a result, under both
edge-clamped and back-supported conditions, the quasi-static strength and
impact resistance of the CFRP layers increased when they were protected by
metal layers. A greater benefit was derived from metal layers with higher
yield strength. The impact resistance (in terms of absorbed energy per
areal density) measured from all the tests generally increased in the following
order: monolithic CFRP, AA1050A-H6-CFRP bilayer, and AA6082-T6-CFRP
bilayer. These data suggest that the use of metal layers with higher yield
strength can potentially suppress shear plugging in the CFRP laminates
altogether.
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Chapter 8
Conclusions and Future Work
8.1 Conclusions
The investigations in this thesis led to the following conclusions.
(i) Under quasi-static out-of-plane compression and indentation, indirect
tension can arise in CFRP cross-ply laminates due to the anisotropy in Poisson
expansion within the plane of each ply. This indicates that the indirect tension
mechanism is not unique to Dyneemar cross-ply laminates, in which the
mechanism was first reported. For this failure mode, the material’s resistance
to failure depends more on the tensile strength of the ply than on the shear
strength of the matrix. This has been analysed by finite element simulations
and analytical models, and the influence of strain rate and specimen size on
the compressive strength has been explored.
(ii) Under quasi-static out-of-plane punch loading, CFRP cross-ply laminates
fail by shear plugging. For this failure mode, the material’s resistance to failure
largely depends on the matrix shear strength, and this is supported by a simple
analytical model.
(iii) Under ballistic loading, CFRP cross-ply laminates with a high matrix
shear strength fail by a brittle shear plugging mode. For this failure regime,
the ballistic resistance (i.e. penetration velocity) can be enhanced by the
reduction of matrix shear strength. Once the matrix shear strength decreases
below 22 MPa, the failure mode switches from shear plugging to indirect
tension. For this failure regime, the penetration velocity remains elevated
and is independent of matrix shear strength.
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(iv) A CFRP bilayer composite has been developed through lamination of
both a low and a high matrix shear strength layer in order to suppress shear
plugging under ballistic loading. When the layer with high matrix shear
strength is placed at the distal face (protected by the layer with low matrix
shear strength), its perforation mechanism switches from shear plugging to a
back face tensile mode.
(v) The ballistic resistance of these bilayer composites closely follows the rule
of mixtures. Depending on the stacking configuration, the bilayer composites
can provide a 43% to 64% improvement compared to monolithic CFRP with
high matrix shear strength.
(vi) The ballistic resistance of CFRP laminates with high matrix shear strength
can be improved through protection by placing a metal layer at the front face.
The presence of a protective metal layer provides a load spreading effect that
increases the contact area of the underlying CFRP layer, and thus increases
the energy required to initiate shear plugging.
(vii) The impact resistance of the protected CFRP rises with the yield strength
of the metal layers, implying that there remains potential to suppress shear
plugging (or to activate indirect tension) in the CFRP layer if a sufficiently
hard protective layer is employed.
Overall, it was found that the impact resistance of conventional structural
composites such as CFRP cross-ply laminates can be enhanced by activating
the indirect tension mechanism. In the future, the challenge will be to
develop methods of promoting indirect tension under ballistic loading without
diminishing the structural performance of the fibre composite (e.g. without
reducing the matrix shear strength).
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8.2 Suggestions for Future Work
To develop a fulsome understanding of the impact mechanics of fibre
composites, some avenues for future research are suggested below.
8.2.1 Numerical Methods to Predict the Ballistic
Limit of Cross-ply Laminates Failing by Indirect
Tension
Chapter 4 and an investigation by Attwood et al. (2014) have developed
numerical models of the indirect tension mechanism of cross-ply laminates
under uniaxial out-of-plane compression. However, no literature is available
on utilising numerical methods to predict the ballistic limit (i.e. penetration
velocity) of laminates that fail by indirect tension. Such analysis could
also provide insight into the underlying cause of the switch in perforation
mechanism (from shear plugging to indirect tension) observed for CFRP
cross-ply laminates as their matrix shear strength decreases. The challenge
involved in simulating dynamic loading conditions is the necessity of accounting
for the propagation of stress waves as well as the inertia of the target, with
consideration given to the target’s geometry and the boundary conditions
of the problem. Consequently, the whole composite structure must be
simulated and the problem cannot be simplified by enforcing periodic boundary
conditions on a small unit cell of material.
8.2.2 The Effect of Matrix Shear Strength on the
Impact Tolerance of Cross-ply Laminates
Chapter 5 demonstrated that the impact resistance of CFRP cross-ply
laminates can be improved by a reduction in matrix shear strength. This
investigation can be extended to assess the effect of matrix shear strength
on impact tolerance (i.e. the ability to provide structural performance after
impact damage has occurred). For instance, CFRP with various matrix shear
strengths can first be impacted by a projectile at a velocity that can cause
internal damage and then be subjected to an in-plane compression test to
determine the remaining structural performance of the material. Typically,
the in-plane compressive strength of an undamaged composite increases along
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with increasing matrix shear strength. In contrast, this thesis has shown that
impact resistance is lower for CFRP laminates with high matrix shear strength.
Therefore, it is expected that the post-impact compressive strength will rise up
to an optimal shear strength level, after which it will fall due to the declining
impact resistance.
8.2.3 The Effect of the Metal Layer’s Yield Strength
on the Ballistic Resistance of Metal-CFRP
Bilayers
Chapter 7 demonstrated that the presence of a protective metal layer provides
a load spreading effect that increases the energy required to initiate shear
plugging in the underlying CFRP layer. The experiments also showed that
the impact resistance of the protected CFRP rises with the yield strength of
the metal layers (AA6082-T6 with yield strength of σy ∼ 262 MPa versus
AA1050A-H6 with σy ∼ 107 MPa), implying that there remains potential to
suppress shear plugging (or to activate indirect tension) in the CFRP layer if a
sufficiently hard protective layer is used. Considering that indirect tension in
CFRP cross-ply laminates under out-of-plane compression occurs at a pressure
of ∼ 1 GPa, the yield strength of the metal layer may need to be in the same
order of magnitude to activate indirect tension. Possible candidates include:
a high strength aluminium alloy AA7075-T6 (σy ∼ 450 MPa), titanium alloy
Ti-6Al-4V (σy ∼ 900 MPa), NanovateTM nanocrytalline nickel-based alloy
(σy ∼ 1100 MPa), and tool steel AISI H13 (σy ∼ 1600 MPa).
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Appendix A
Summary of the Partial Curing
Process
In this thesis, CFRP laminates were tested with various states of cure.
This appendix discusses the methodology used to manufacture the partially
cured specimens in order to achieve reproducible states of matrix cure. A
lab-designed oven curing process was employed such that the laminates were
partially cured in an air-oven and then rapidly cooled to avoid further curing.
Compared to the standard autoclave method, this oven curing procedure allows
for easier control of the curing duration and better handling because the
laminates are rapidly cooled from their elevated temperatures.
Figure A.1 illustrates a custom-made spring-loaded set-up for the partial curing
process of a CFRP panel with dimensions L×L×H (with panel side length of
L= 150 mm and height ofH = 2 - 4 mm). Before curing, all the components in
the set-up (except the heat exchanging plates and the CFRP) were preheated
in an air oven. A thermocouple was placed on the bottom aluminium platen to
monitor the temperature. The CFRP panel was first sandwiched between two
heat exchanging plates (with releasing films on the top and bottom surfaces
of the CFRP) and then placed between the two aluminium platens with
12 equispaced M8 holes (clearance holes in the top platen and threaded holes
in the bottom platen). The two platens and the whole fixture were fastened
together with compression springs, spacers, and washers. Each compression
spring had a free length of 49 mm, a spring constant of k = 12 N/mm, and a
compressive load F range of 0 - 300 N. Each spring was then compressed to a
199
spacer height h = 33 mm, resulting in a total clamping force of F = 2280 N
and an average pressure of 0.1 MPa exerted onto the CFRP.
After fastening, the whole fixture was placed into an air oven to cure the
CFRP at various temperatures (100◦C to 180◦C) and durations (2 hours to
24 hours). The distance between the two platens was measured before and
after each curing process; the change in distance was observed to be negligible,
indicating that clamping pressure remained constant throughout the process.
After curing, the heat exchanging plates and the sandwiched CFRP panel
were rapidly cooled to −15◦C and then separated once the CFRP stiffened.
Finally, laminates were cut to test dimensions using either a sharp knife, an
abrasive cutting wheel, or a water jet, depending on the state of cure and the
complexity of the specimen geometries. The laminates were stored at −15◦C
to avoid further curing.
For the tests described in Chapters 5 and 6, long composite beams had to be
prepared with dimensions of length L = 300 mm, breadth B = 11 mm, and
height H = 2 or 4 mm. For these specimens, the length of the composite beams
exceeded the width of the spring-loaded platens. Therefore, a modification was
made to the above fixture, see Figure A.2. An additional pair of aluminium
platens with six positive and negative channels was made. Six composite
beams were first cut to test dimensions using a band saw, then wrapped with
releasing films and placed inside the channels of the aluminum platens. The
channeled platens were sandwiched in the above spring-loaded fixture with
eight compression springs compressed to h = 27 mm, a total clamping force of
F = 2112 N, and an average pressure of 0.1 MPa.
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Figure A.1: Schematic illustrations of the spring-loaded set-up of the partial curing process
for a CFRP plate. All dimensions are in mm.
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Figure A.2: Schematic illustrations of the spring-loaded set-up of the partial curing process
for CFRP composite beams. All dimensions are in mm.
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Appendix B
Measurements of Matrix Shear
Strength of CFRP Laminates
The cross-ply laminates [0◦/90◦] described in Appendix A were
made from carbon fibre/epoxy prepregs provided by Hexcel Ltd.:
Hexplyr 8552/35%/134/IM7 and Hexplyr M9/35%/134/IM7 (both with
ply thickness of 0.131 mm). In total, eight types of composite plates with
the same dimensions were tested in this study and are defined in Table
B.1. The uncured 8552/IM7 laminates (A) were laid-up by hand. Partially
cured 8552/IM7 laminates (B) to (F) were prepared in an air oven using the
procedure described in Appendix A. The fully cured 8552/IM7 laminates
(G) and M9/IM7 laminates (H) were autoclaved following a procedure
recommended by Hexcel Ltd., see (Hexcel Composites, 2007, 2013). With the
exception of the fully cured materials (G) and (H), all laminates were stored
at −15◦C to avoid further curing and brought back to room temperature for
5 hours prior to testing.
The matrix shear responses of the above eight CFRP laminates were examined
using two ASTM-recommended shear test methods, see (ASTM Standard,
2013a,b). A ±45◦ tensile test was used to measure the in-plane shear strength
and a short beam shear test was used to measure the out-of-plane interlaminar
shear strength at various shear strain rates.
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Table B.1: Summary of curing processes of CFRP cross-ply laminates used in the shear
tests.
Material Prepreg
Type
Curing
method
Curing
temperature
Curing
time
Applied
pressure
A 8552/IM7 uncured room
temperature
– –
B 8552/IM7 partially
cured
100˚C 2 hr out-of-plane
0.1 MPa
C 8552/IM7 partially
cured
110˚C 2 hr out-of-plane
0.1 MPa
D 8552/IM7 partially
cured
120˚C 2 hr out-of-plane
0.1 MPa
E 8552/IM7 partially
cured
120˚C 2 hr
15 min
out-of-plane
0.1 MPa
F 8552/IM7 partially
cured
180˚C 24 hr out-of-plane
0.1 MPa
G 8552/IM7 autoclaved 180˚C 2 hr hydrostatic
0.7 MPa
H M9/IM7 autoclaved 120˚C 2 hr hydrostatic
0.7 MPa
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B.1 ±45◦ Tensile Test
Dog-bone tensile specimens with a [±45◦]4s lay-up, a thickness of t = 2 mm
(16 plies), and a width of w = 10 mm within the gauge length were
manufactured from materials (A) to (H) mentioned in Table B.1. The
specimens were cut using a water jet into the geometry specified in Figure
B.1a. The tensile test was performed using a screw-driven test machine. The
tensile load F was mostly recorded by a 100 kN load cell, with the exception of
soft material (A) where a 1 kN load cell was used. The tensile displacements
within the gauge of the specimen were measured by a laser extensometer. The
±45◦ tensile test was performed at applied displacement rates ranging from
ux = 1.7 × 10−2 mm/s to 6.1 mm/s, associated with an axial strain rate of
ε˙xx = 5× 10−5 s−1 to 0.13 s−1.
The in-plane shear stress τ within each ply can be expressed as:
τ =
σxx
2
=
F
2wt
(B.1)
The in-plane shear strain γ can be expressed as:
γ = εxx − εyy ≈ 2εxx (B.2)
where εxx is the axial tensile strain. Figure B.2 shows some examples of the
in-plane shear stress-strain response from materials (A) to (H) at a reference
shear strain rate of γ˙0 = 1 × 10−3s−1. In general, all materials showed shear
yielding at shear strain γ less than 2% and a plateauing region was observed at
γ ∼ 5%. ASTM standard D3518 recommends defining the in-plane shear yield
strength τy as the flow stress τ at γ = 5%. As a result, Figures B.3a to B.3d
plot the measured τy ≡ τ(γ = 5%) as functions of shear strain rate γ˙ in log-log
scale. For comparison purposes, trend lines of τ at γ = 2.5%, 5%, and 10% as
functions of shear strain rate γ˙ are also presented in the figure. Materials (A)
to (C) showed various degrees of strain rate sensitivity while materials (D) to
(H) were strain rate insensitive. The strain rate sensitivity of the shear flow
stress τ in materials (A) to (C) can be characterised by a viscoplastic power
law:
τ
τ0
=
(
γ˙
γ˙0
)m
(B.3)
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Figure B.1: Schematic illustrations of a) a ±45◦ tensile test dog-bone specimen and b) a
short beam shear test specimen. All dimensions are in mm.
where γ˙0 is the reference strain rate, τ0 is the reference shear stress, and m is
the strain rate sensitivity coefficient (where m > 0). τ0 is defined to be the
flow stress τ(γ = 5%) at a given reference strain rate γ˙0 = 1 × 10−3s−1. The
viscoplastic parameters (τ0, γ˙0, andm) in materials (A) to (C), and the in-plane
shear yield strength τc (the subscript c refers to core of a ply) in materials (D)
to (H), are summarised in Table B.2. τc is defined to be the reference stress
τ(γ = 5%) measured from the ±45◦ tensile test. Finally, Figure B.3d shows
that the matrix shear strength τ at a given applied strain rate γ˙ = 1×10−3s−1
increases from τ = 0.1 MPa to 100 MPa as the curing temperature increases
from room temperature to T = 180◦C.
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Figure B.2: Shear stress-strain curves of materials (A) to (H) at a shear strain rate of
γ˙0 = 1× 10−3s−1. a) data of materials (A), b) data of materials (B) and (C),
c) short beam shear test data of materials (D) and (E), d) ±45◦ tensile test
data of material (D) and (E), e) short beam shear test data of materials (F) to
(H), and f) ±45◦ tensile test data of material (F) to (H).
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Figure B.3: a-c) Plots of matrix shear strength as functions of shear strain rate γ˙. Data
points  and # represent the τc measured in the ±45◦ tensile tests and τi
measured in the short beam shear tests, respectively. d) Plot of measured τc
and τi at γ˙0 = 1× 10−3s−1 as functions of curing temperature.
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B.2 Short Beam Shear Test
Rectangular composite beams with [0◦/90◦]16 lay-up and dimensions of beam
height H = 4 mm (32 plies), breadth B = 12 mm, and length 2L = 25 mm
were manufactured from the materials (A) to (H). The composite beams
were then tested in a three-point bending set-up following ASTM standard
D2344, as illustrated in Figure B.1b. The three-point bending test involved
a screw-driven test machine and the set-up consisted of one top roller with a
diameter of D = 6 mm and two bottom rollers with diameters of D = 3 mm,
separated by a span length of Ls = 5 mm (defined to be the centre-to-centre
distance between the top and bottom rollers in the x -direction in the figure).
Specimens were placed such that fibres in the top ply were parallel to
x-direction in the figure. The short beam shear test was performed by driving
the top roller downward in the z -direction at displacement rates ranging from
5×10−3 mm/s to 5 mm/s. The deflection of the composite beams δ during the
test was measured using a laser extensometer. During the short beam shear
test, the specimens were subjected to out-of-plane shear. The maximum shear
stress τ was located at the centre of the beam in the x-z plane of the figure,
and can be expressed as:
τ =
3F
4BH
(B.4)
The out-of-plane shear strain γ can be expressed as:
γ =
δ
Ls
(B.5)
Figure B.2 provides some examples of the short beam shear stress-strain
responses of materials (A) to (H) at a shear strain rate of γ˙0 = 1 × 10−3s−1.
Materials (A) to (C) showed interlaminar shear yielding while materials (D)
to (H) showed interlaminar shear failure at γ ∼ 5%. Figures B.3a to B.3d
plot the measured short beam shear strength as functions of shear strain rate
γ˙ in log-log scale. Short beam shear strength is defined to be τ(γ = 5%) in
materials (A) to (C) and to be the peak shear stress in materials (D) to (H).
Similar to the results of the ±45◦ tensile test, materials (A) to (C) showed
strain rate sensitivity while materials (D) to (H) were strain rate insensitive.
Furthermore, the viscoplastic parameters (τ0, γ˙0, and m) of materials (A) to
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Table B.2: Summary of the shear test results measured from the CFRP laminates.
Material Reference
strain
rate
γ˙0(s
−1)
Reference
shear
stress
τ0
(MPa)
Strain
rate
sensitivity
coefficient
m
τc in ±45◦
tensile test
(MPa)
τi in short
beam shear
test
(MPa)
A 10−3 0.11 0.45 – –
B 10−3 0.82 0.39 – –
C 10−3 6.5 0.29 – –
D – – – 48 ± 2.3 22 ± 1.9
E – – – 55 ± 2.2 30. ± 1.3
F – – – 87 ± 8.2 61 ± 3.7
G – – – 87 ± 0.85 99 ± 6.9
H – – – 50. ± 2.3 60. ± 2.4
(C) measured from short beam shear test were the same as in the ±45◦ tensile
test. In contrast, materials (D) to (H) showed different shear strengths in the
short beam shear test versus the ±45◦ tensile test. The short beam shear
strengths τi (the subscript i refers to interfacial shear) of materials (D) to (H)
are summarised in Table B.2, separately from the results of the ±45◦ tensile
test.
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Appendix C
Analytical Models of the Stress
State at the Centre of a
Cross-ply Laminate under
Out-of-Plane Compression
Consider a cross-ply [0◦/90◦] laminate with specimen side length L at least
twice as large as the shear lag length λ. Under out-of-plane compression, the
local pressure p increases from the periphery of the specimen toward the centre
and then remains constant and elevated in the centre (i.e. outside of the shear
lag zone). Away from the periphery, at the centre of the specimen, slipping
is prohibited and each ply can deform normally in an elastic, elastic-plastic,
or elastic-viscoplastic manner. This appendix analyses the stress state (and
strain) at the centre of a cross-ply laminate under out-of-plane compression and
provides analytical solutions for elastic, elastic-plastic, and elastic-viscoplastic
deformations. Please refer to the schematic illustration in Figure C.1 of the
global coordinate system with labels x, y, and z, and the local coordinate
system with labels 1, 2, and 3.
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Figure C.1: Schematic illustration of a pair of 0◦/90◦ plies under out-of-plane compression
and its defined global and local coordinate systems.
C.1 Elastic Laminate Plate Theory
Consider a pair of 0◦ and 90◦ plies under out-of-plane compression in the
z -direction in Figure C.1 and where each ply is deforming in an elastic
transverse isotropic manner. The elastic strain components εelij can be
expressed in terms of σij:
εel11
εel22
εel33

=

1/E11 −ν12/E11 −ν12/E11
−ν12/E11 1/E33 −ν23/E33
−ν12/E11 −ν23/E33 1/E33


σ11
σ22
σ33

(C.1)
In Figure C.1, layer A is subjected to a tensile stress σAyy and layer B experiences
a compressive stress σByy = −σAyy, since there is no net force in the y-direction.
In the local coordinate system, this force equilibrium causes σ22 = −σ11. The
Poisson’s ratio ν12 in Eq. (C.1) is negligible and can be assumed to be ν12 = 0.
For out-of-plane compression, Eq. (C.1) can be written as:
εel11
εel22
εel33

=

1/E11 0 0
0 1/E33 −ν23/E33
0 −ν23/E33 1/E33


σ11
−σ11
σ33

(C.2)
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Also, layers A and B are under equal straining in the x - and y-directions.
In the local coordinate system, this strain compatibility causes εel11 = ε
el
22.
The relationship between ply tensile stress parallel to the fibre σ11 and the
out-of-plane stress of a ply σ33 can be expressed as:
σ11 = σ33
( −ν23E11
E11 + E33
)
(C.3)
Thus, the relationship between εel33 and σ33 is calculated by substituting
Eq. (C.3) into Eq. (C.2):
εel33 = σ33
[
(ν23 − 1)E11 − E33
E33 (E11 + E33)
]
(C.4)
As the out-of-plane compression proceeds, εel33, σ11, and σ33 increase in
magnitude, and compressive failure occurs when the ply tensile failure criterion
is met; the proposed pressure dependent ply tensile failure criterion from
Chapter 4 can be rewritten as:
S+L −
(
1 +
α
2
)
σ11 +
α
2
σ33 = 0 (C.5)
where S+L is the ply tensile strength at atmospheric pressure, and α is a pressure
dependent term for the ply failure criterion. The out-of-plane strain at failure
εf can be calculated by substituting σ11 in Eq. (C.3) and σ33 in Eq. (C.4) into
Eq. (C.5):
εf = −S+L
E11 + E33 − E11ν223(
1 + α
2
)
ν23E11E33 +
α
2
E11 (E11 + E33)
(C.6)
C.2 Elastic-plastic Model
If the above plies deform elastically in the fibre direction (i.e. εpl11 = 0) but
deform in an elastic-plastic manner in the 2- and 3-directions in Figure C.1,
the total strain components inside each ply are:
εtot11 = ε
el
11 (C.7a)
εtot22 = ε
el
22 + ε
pl
22 (C.7b)
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εtot33 = ε
el
33 + ε
pl
33 (C.7c)
The elastic strain components are identical to those expressed in Eq. (C.2) in
the above elastic model. Given the strain compatibility in the 1-2 plane in the
local coordinate system (i.e. εtot11 = ε
el
11 = ε
tot
22 ) and the plastic incompressibility
in the 2-3 plane (i.e. εpl33 = −εpl22), the out-of-plane plastic strain εpl33 can be
expressed as:
εpl33 = −εel11 + εel22 = −
(
E11 + E33
E11E33
)
σ11 −
(
ν23
E33
)
σ33 (C.8)
Similarly, the out-of-plane total strain εtot33 can be expressed as:
εtot33 = ε
el
33 + ε
pl
33 =
(
ν23E11 − E11 − E33
E11E33
)
σ11 +
(
1− ν23
E33
)
σ33 (C.9)
The relationship between σ11 and σ33 is governed by the yielding criterion; the
proposed pressure dependent ply yielding criterion in the 2-3 plane of a ply
used in Chapter 4 can be rewritten as:
τc =
|σ22 − σ33|
2
+ µσh (C.10)
where τc is the shear strength of the core material in the 2-3 plane of a ply when
σh ≡ (σ22 + σ33) /2 is equal to zero, and µ is a pressure dependent term for
the yielding criterion. Given that out-of-plane stress is σ33 ≤ 0, |σ33| > |σ22|,
and force equilibrium σ22 = −σ11, the relationship between σ11 and σ33 can be
expressed as:
σ11 =
σ33 (µ− 1)− 2τc
µ+ 1
(C.11)
The compressive stress at the onset of yielding σY33 is determined by
substituting σ11 in Eq. (C.8) into Eq. (C.11) and setting ε
pl
33 = 0:
σY33 = −
2τc
1− µ
1 + ν23(
1 + E11
E33
)(
1−µ
1+µ
)
− ν23
 (C.12)
Before σY33 is reached, the laminate behaves in a linear elastic manner and
the stress-strain relationship is identical to the above elastic model. After
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σY33 is reached, the laminate deforms in an elastic-plastic manner and the
relationship between εtot33 and σ33 is determined by substituting σ11 in Eq. (C.9)
into Eq. (C.11):
εtot33 = σ33
[
µ− 1
µ+ 1
(
ν23E11 − E11 − E33
E11E33
)
+
1− ν23
E33
]
−
2τc
µ+ 1
(
ν23E11 − E11 − E33
E11E33
)
(C.13)
As the compression test proceeds, εtot33 , σ11, and σ33 increase in magnitude, and
failure occurs when the failure criterion in Eq. (C.5) is met. The out-of-plane
strain at failure εf can be calculated by substituting σ11 in Eq. (C.5) into
Eq. (C.11), followed by removing σ33 in Eq. (C.13):
εf = −
[
S+L +
2τc
µ+ 1
(
1 +
α
2
)] 2 (1− ν23)E11 + (1− µ)E33
(α− µ+ 1)E11E33 −
2τc (ν23E11 − E11 − E33)
(µ+ 1)E11E33
(C.14)
C.3 Elastic-viscoplastic Model
If the above plies deform elastically in the fibre direction (εpl11 = 0) but deform
in an elastic-viscoplastic manner in the 2- and 3-directions in Figure C.1,
the out-of-plane strains εel33, ε
pl
33, and ε
tot
33 can be expressed as (similar to the
elastic-plastic model):
εel33 =
ν23σ11 + σ33
E33
(C.15a)
εpl33 = −εel11 + εel22 = −
(
E11 + E33
E11E33
)
σ11 −
(
ν23
E33
)
σ33 (C.15b)
εtot33 = ε
el
33 + ε
pl
33 =
(
ν23E11 − E11 − E33
E11E33
)
σ11 +
(
1− ν23
E33
)
σ33 (C.15c)
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ε˙el33, ε˙
pl
33 and ε˙
tot
33 can be expressed by taking the rate derivative of the above:
ε˙el33 =
ν23σ˙11 + σ˙33
E33
(C.16a)
ε˙pl33 = −
(
E11 + E33
E11E33
)
σ˙11 −
(
ν23
E33
)
σ˙33 (C.16b)
ε˙tot33 =
(
ν23E11 − E11 − E33
E11E33
)
σ˙11 +
(
1− ν23
E33
)
σ˙33 (C.16c)
At the centre of the specimen, where slipping between plies is prohibited, ε˙pl33
is also governed by the proposed flow law. The proposed viscoplastic power
law in the 2-3 plane of a ply used in Chapter 4 can be rewritten as:
ε˙pl33 = sgn (σ33 − σ22) ε˙0
( |σ22 − σ33|+ µ (σ22 + σ33)
σ0
)1/m
(C.17)
where ε˙0 is the reference strain rate, σ0 is the reference flow stress at ε˙0, and
m is the strain rate sensitivity (where m > 0). Note that ε˙pl33 in Eq. (C.17) can
only be solved numerically. However, an analytical solution can be derived
by assuming m = 1 (i.e. a viscoelastic behaviour), as follows. Given that
out-of-plane stress is σ33 ≤ 0, |σ33| > |σ22|, and force equilibrium σ22 = −σ11,
ε˙pl33 in Eq. (C.17) can be expressed as:
ε˙pl33 =
ε˙0
σ0
(1 + µ)σ11 +
ε˙0
σ0
(1− µ)σ33 (C.18)
The total out-of-plane strain rate ε˙tot33 can be determined by adding the elastic
strain ε˙el33 in Eq. (C.16a) to Eq. (C.18):
ε˙tot33 =
ν23
E33
σ˙11 +
1
E33
σ˙33 +
ε˙0
σ0
(1 + µ)σ11 +
ε˙0
σ0
(1− µ)σ33 (C.19)
The out-of-plane stress σ33 at a given time and at a constant total strain rate
(i.e. εtot33 (t) = ε˙
tot
33 t) can be expressed as a first order differential equation by
first eliminating σ11 in Eq. (C.19) using of Eq. (C.15c) and writing ε
tot
33 as
ε˙tot33 t, followed by eliminating σ˙11 using Eq. (C.16c):
Tσ˙33 + σ33 = at+ b (C.20a)
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a =
(µ+ 1)E11E33ε˙
tot
33
2 (1− ν23)E11 + (1− µ)E33 (C.20b)
b =
σ0 (E11 + E33) ε˙
tot
33
ε˙0 [2 (1− ν23)E11 + (1− µ)E33] (C.20c)
T =
σ0 (ν23
2E11 − E11 − E33)
ε˙0 [2 (ν23 − 1)E11 + (µ− 1)E33]E33 (C.20d)
σ33 (t) can be expressed by integrating Eq. (C.20a) using the initial condition
σ33(0) = 0:
σ33 (t) = at+ (b− aT)
(
1− e−t/T) (C.21)
As the compression test proceeds, εtot33 (t), σ11 (t), and σ33(t) increase in
magnitude. The in-plane stress σ11 (t) is related to σ33(t) by rearranging
Eq. (C.15c):
σ11 (t) =
σ33 (t) (ν23 − 1)E11 + E11E33ε˙tot33 t
ν23E11 − E11 − E33 (C.22)
Ply failure occurs when the failure criterion in Eq. (C.5) is met.
C.4 Compressive Response at Specimen
Centre
The remainder of this analysis investigates the effects of elastic properties
(such as E33 and ν23), matrix shear strength, and applied strain rate on the
out-of-plane compressive response at the centre of a cross-ply laminate based
on the above models. All the calculations below share the following input
parameters: E11 = 164 GPa, E33 = 5 - 10 GPa, ν23 = 0.3 - 0.5, S
+
L = 2724 MPa,
and α = 2. For the elastic-plastic model, µ is set at 0.05, and τc is set to range
from 0 to 100 MPa. For the elastic-viscoplastic model, µ is set at 0.05, ε˙0 is
set at 5× 10−4s−1, σ0 is set at 0.2 MPa, −ε˙tot33 is set to range from 8× 10−4s−1
to 8s−1, and m is assumed to be 1.
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C.4.1 Effect of Out-of-Plane Elastic Modulus
Figure C.2a plots the compressive responses for laminates with elastic modulus
E33 = 5 GPa and 10 GPa for a constant value of ν23 = 0.3 (τc in the
elastic-plastic model is set at 10 MPa and −ε˙tot33 in the elastic-viscoplastic
model is set at 8 × 10−4s−1). In all the models, the increase in E33 causes a
decrease in the failure strain εf , while the compressive peak strength σ
max
33 is
unaffected.
C.4.2 Effect of Poisson’s Ratio
Figure C.2b plots the compressive responses for laminates with ν23 = 0.3 and
0.5 for a constant value of E33 = 10 GPa (τc in the elastic-plastic model is set
at 10 MPa and −ε˙tot33 in the elastic-viscoplastic model is set at 8 × 10−4s−1).
With the exception of the elastic model, the increase in ν23 causes a decrease
in εf , while σ
max
33 is unaffected.
C.4.3 Effect of Matrix Shear Strength in the
Elastic-plastic Model
Figure C.2c plots the compressive responses for an elastic-plastic laminate with
ν23 = 0.4, E33 = 10 GPa, and τc = 0 MPa, 50 MPa, and 100 MPa. The increase
in τc causes an increase in σ
max
33 , while εf is unaffected.
C.4.4 Effect of Strain Rate in the Elastic-viscoplastic
Model
Figure C.2d plots the compressive response for an elastic-viscoplastic laminate
with ν23 = 0.4, E33 = 10 GPa, and an applied strain rate −ε˙tot33 increasing from
8× 10−4s−1 to 8s−1. The increase in applied strain rate causes an increase in
σmax33 , while εf is largely unaffected.
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Figure C.2: Plots of out-of-plane compressive responses at the centre of a cross-ply laminate
based on the elastic, elastic-plastic, and elastic-viscoplastic calculations showing:
a) the effect of E33, b) the effect of ν23, c) the effect of τc in elastic-plastic
response, and d) the effect of stain rate in elastic-viscoplastic response.
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Appendix D
Preliminary Experiment: Effect
of Matrix Shear Strength on the
Ballistic Response of CFRP
Plates
Prior to the ballistic test of CFRP beams described in Chapter 5, a set of
preliminary experiments was conducted to investigate the effect of matrix shear
strength on the dynamic failure mechanism and ballistic impact resistance of
carbon fibre/epoxy cross-ply composite plates. CFRP cross-ply composite
plates with matrix shear strength ranging from 0.1 to 100 MPa were impacted
by spherical projectiles under an edge-clamped boundary condition. CT-scan
images of specimens revealed that composite plates failed by a shear plugging
mode when the matrix shear strength was above 22 MPa. When the matrix
shear strength was below 22 MPa, the composites showed ply tensile failure
beneath the contact. It was initially unclear whether this failure mode was
indirect tension, which motivated the design of the experiment described in
Chapter 5. Nevertheless, a summary is given below.
D.1 Materials Manufacturing and Properties
Cross-ply laminates [0◦/90◦]16 were made from Hexplyr 8552/35%/134/IM7
and Hexplyr M9/35%/134/IM7 carbon fibre/epoxy prepregs (both with ply
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thickness of 0.131 mm). In total, seven types of composite plates with the same
dimensions were tested. The composites made from 8552/IM7 prepregs are
labelled as materials (A) to (F). The composites made from M9/IM7 prepregs
are labelled as material (G). Note that materials (B) to (E) were prepared
in an air oven using the procedure described in Appendix A. The fully cured
8552/IM7 laminates (F) and M9/IM7 laminates (G) were autoclaved following
a procedure recommended by Hexcel Ltd. (Hexcel Composites, 2007, 2013).
Table B.1 summarises the curing process specifications and the matrix shear
strength of materials (A) to (G), measured from the short beam shear test in
Appendix B. With the exception of the fully cured materials (F) and (G), all
laminates were stored at -15˚C to avoid further curing and brought back to
room temperature for 5 hours prior to testing.
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Table D.1: Summary of curing process of cross-ply laminates for the preliminary ballistic
test.
Material Composite
Type
Curing
specification
Applied
pressure
in the
curing
process
Short
beam
shear
strength
τ (MPa)
A 8552/IM7 room
temperature
(uncured)
N/A 0.13 a
B 8552/IM7 oven cured
100˚C
2 hours
out-of-plane
0.1 MPa
0.78 a
C 8552/IM7 oven cured
110˚C
2 hours
out-of-plane
0.1 MPa
5.7 a
D 8552/IM7 oven cured
120˚C
2 hours
out-of-plane
0.1 MPa
18
E 8552/IM7 oven cured
180˚C
24 hours
out-of-plane
0.1 MPa
50
F 8552/IM7 autoclaved
180˚C
2 hours
hydrostatic
0.7 MPa
95
G M9/IM7 autoclaved
120˚C
2 hours
hydrostatic
0.7 MPa
50
a Materials (A) to (C) are strain rate sensitive and their short beam shear
tests show no shear failure. The matrix shear strengths reported here are the
reference shear stresses obtained at shear strain of 5% τ(γ = 5%) and at shear
strain rate of γ˙ = 10−3s−1.
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D.2 Ballistic Impact Test
Figure D.1 illustrates the experimental set-up (the same set-up was used
in Karthikeyan et al. (2013b)). CFRP [0◦/90◦]16 plates with dimensions
w × w ×H (with width w = 150 mm and thickness H = 4 mm) were subjected
to impact by a chrome steel ball with a diameter of D = 12.7 mm and a mass
mp = 8.3 × 10−3 kg under an edge-clamped boundary condition, fastened by
nine M6 bolts each with 8 Nm torque. The projectile was launched through
a gas gun with a 4.5 m long barrel having a bore diameter of 13 mm. Impact
velocity v0 ranged from 25 m/s to 555 m/s, and was measured using a set
of laser gates. Tested specimens were then examined via X-ray computed
tomography (CT-scanning) using the same method discussed by Karthikeyan
et al. (2013b), followed by cross-sectional imaging.
Projectile
Laser gates
Gun barrel
w = 150
Front view
M6
w 
87.5
87.5
w = 150
H = 4
steel plate
Ø100
Ø100
m
p 
, v
0
z
x
y
x
Pro"le view
CFRP
Figure D.1: Schematic illustrations of an edge-clamped CFRP [0◦/90◦]16 plate situated for
impact by a spherical projectile.
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D.3 Results
Figures D.2 and D.3 show examples of post-impact CT-scan images and
cross-sectional optical images of materials (A) to (D) and materials (E) to (G),
respectively. CT-scan images of materials (A) and (F) have been previously
analysed by Karthikeyan et al. (2013b), and are presented here for the sake
of comparison. It is clear from the figure that two different perforation
mechanisms have been observed. Materials (E) to (G) failed by a shear
plugging mode (consisting of transverse matrix cracks, ply delamination, and
fibre fracture beneath the edge of contact). In contrast, materials (A) to (D)
failed by a tensile mode (with fibre failure located beneath the projectile near
the centre line). It was initially unclear whether this was an instance of the
indirect tension mechanism.
Figure D.4 plots the measured ballistic penetration velocity vp (defined as the
average of the lowest velocity to fully penetrate the target and the highest
impact velocity to partially penetrate the target) as a function of the matrix
shear strength τ of each laminate. It appears that there exist two regimes of
ballistic behaviour with the transition occurring at τ = 22 MPa, i.e. material
(D). At τ > 22 MPa, vp increases from ∼ 100 m/s to ∼ 300 m/s as τ
decreases. Once τ falls below 22 MPa, vp remains elevated at ∼ 300 m/s
and is insensitive to matrix shear strength. Note that this relationship of vp
versus τ is remarkably similar to that observed in Figure 5.7 in Chapter 5.
In conjunction with the evidence provided in Chapter 5, it is concluded that
materials (A) to (D), with τ < 22 MPa, in this preliminary ballistic test failed
by the same indirect tension mechanism.
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Figure D.2: CT images of the cross-section of composite plates made of a) material (A),
b) material (B), and c) material (D), all impacted by a 8.3 × 10−3 kg steel
ball at selected impact velocities v0 below and above the penetration velocity
vp. d) An optical image of the damaged area in material (D), labelled as (i).
CT-scan images of material (A) were adapted from Karthikeyan et al. (2013b).
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Figure D.3: CT images of the cross-section of composite plates made of a) material (E),
b) material (F) and c) material (G), all impacted by a 8.3 × 10−3 kg steel
ball at selected impact velocities v0. d-e) Optical images of the damaged areas
in material (F), labelled as (i) and (ii). CT-scan images of material (F) were
adapted from Karthikeyan et al. (2013b).
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Figure D.4: Plot of measured ballistic penetration velocity vp as a function of the matrix
shear strength τ in materials (A) to (G). Each data point represents an
individual test. A solid line is drawn to help reveal the trend.
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Appendix E
Preliminary Experiment: Effect
of Adhesive on the Ballistic
Response of an
AA1050A-H6-CFRP Bilayer
Plate
Chapter 7 investigated the failure mechanism and the perforation resistance
of an AA1050A-H6-CFRP bilayer plate impacted by a 7.2× 10−4 kg steel ball
under an edge-clamped boundary condition (referred to as material (B) in the
chapter). Please refer to Chapter 7 for the specimen dimensions and ballistic
set-up. In the chapter, the bilayer plates were constructed without adhesive
between the metal layer and the CFRP layer. This appendix summarises
a set of preliminary experiments conducted on similar AA1050A-H6-CFRP
bilayer plates where the aluminium alloy layer and the CFRP layer were
bonded together with a Reduxr 810 epoxy adhesive (using the same procedure
described in Karthikeyan et al. (2012)). In brief, the adhesive was applied
between the metal and the composite layers, the layers were then bonded
under a pressure of 22 kPa for 5 hours at room temperature, and the bilayer
plates were allowed to cure for a further 120 hours at room temperature to
attain the fully cured state.
Figure E.1a compares the impact response of the bilayer plates with and
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Figure E.1: Summary of the ballistic response of AA1050A-H6-CFRP bilayer plates with
and without adhesive. a) The ballistic cut fraction f plotted as functions of the
impact velocity v0. b) Cross-sectional micrographs of the bonded test specimen
prior to damage initiation in the CFRP layer (i) and following damage (ii).
without adhesive by plotting the ballistic cut fraction f (defined to be the
fraction of plies that exhibited fibre failure) as functions of impact velocity
v0. Cross-sectional micrographs of the bonded bilayer plates revealed that
metal-CFRP debonding occurred at a low impact velocity before any damage
in the CFRP layer was observed, refer to (i) in Figure E.1b. Accordingly, the
adhesive had a limited effect on the impact resistance of the bilayer plates,
as can be seen by the similarity in the trend lines of materials with and
without adhesive in Figure E.1a. The adhesive had no influence on the failure
mechanism of the CFRP layer and the CFRP layer failed by a shear plugging
mode consisting of matrix shear crack formation and fibre fracture beneath
the edge of contact, refer to (ii) in Figure E.1b.
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